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FOREWORD
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NAS 1-11714 for the design of a thermal protection system for the high
pressure combustor for the NASA Langley Research Center 8-foot high
temperature structures tunnel combustor. The program guidance provided
by Mr. J. Karns and Dr. M. Anderson of the NASA Langley Research Center
is gratefully acknowledged.
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efforts are gratefully acknowledged.
iii
Page Intentionally Left Blank
TABLE OF CONTENTS
PAGE
SUMMARY 1
INTRODUCTION ...... 2
DEFINITION OF SYMBOLS 4
FAILURE ANALYSIS OF PRESENT LINER .- 5
DESIGN STUDIES .... 7
Analyses of Present Air-Cooled Liner 9
Thermal Analysis Methods and Results 9
Stress Analysis Methods and Results 12
Present Air-Cooled Liner with Dampers 15
Parametric Studies 18
Wall Thickness . 19
Material Selection 20
Emissivity 21
Air-Cooled Ring Stiffened Liner 22
Air-Cooled Omega Segment Liner 27
Water-Cooled Shell Liner 31
Thermal Analysis Methods and Results 31
0
Mechanical Design . . . . . . . 34
Electron Beam Welded Alternate Design . . 35
Stress Analysis ..... 36
Water-Cooled Tube Liner 38
External System for Water-Cooled Liner 40
Coatings Review 45
Thermal Barrier Coatings . . . . . 45
Reflective Coatings 49
TABLE OF CONTENTS (Continued)
PAGE
DESIGN STUDIES (Continued)
Instrumentation Requirements for Tunnel Test 51
Stress and Vibration Data 51
Thermal Data 52
CONCLUDING REMARKS 52
REFERENCES 5^
APPENDIX A - Combustor Operating Conditions 115
APPENDIX B - Vibrations Study (Preliminary) 121
DISTRIBUTION LIST 130
LIST OF ILLUSTRATIONS
Figure Page No.
1 11TST Combustor Operating Envelope 56
2 Liner Design Arrangement 57
3 Liner Segment for Metallurgical Analysis . . . . . . . 58
4 Typical Axial Crack Along T-Bar Weld Bead 59
5 Fracture Surface of Crack at T-Bar 60
6 Cracking in Roots of Fin Grooves 61
7 Fracture Surface of Cracks in Fin Grooves ...... 62
8 Fracture Surface Adjacent to T-Bar Weld . 63
9 Fracture Surface Adjacent to T-Bar Weld . . . . . . . 64
10 Crack through a Poor Quality Weld Bead . . 65
11 Summary of Crack Locations 66
12 Test temperature Distribution at 603 psia
(NASA Supplied Data) 67
13 Test Temperature Distribution at 1514 psia -
(NASA Supplied Data) ....... 68
' •
14 Test. Temperature Distribution at 2440 psia
(NASA Supplied Data) 69
15 Natural Frequency of Air-Cooled Liners ... 70
. , '
16 Vibration Loading of Air-Cooled Liner . . . ' . - 71
17 Air-Cooled Liner with Wave Spring Dampers, Design
Arrangement 73
18 T-Bar Liner Temperature Distribution at 4000 psia . . 75
19 T-Bar Liner Temperature Distribution at 600 psia ... 76
20 T-Bar Liner Transient Temperatures at 4000 psia ... 77
21 T-Bar Liner Transient Temperatures at 600 psia . ... 78
vil
LIST OF ILLUSTRATIONS (Continued)
Figure Page No.
22 Effect of Cooling Passage Height on Pressure
Differential Across the Liner 79
23 Effect of Air-Cooled, Liner Wall Thickness on
Low Cycle Fatigue 80
24 Comparison of Critical Buckling Pressure . . . . . . . 81
25 Low Cycle Fatigue Life of Inconel 600 82
26 Low Cycle Fatigue Life of Hastelloy X 83
27 Liner Materials Comparison of Thermal Conditions
for 1500 Cycles "... 84
28 Comparison of Low Cycle Fatigue Life for Two Materials 85
29 Air-Cooled Ring Stiffened Liner 86
30 Air-Cooled Ribbed Liner Temperature Distribution at
600 and 4000 psia 87
31 Air-Cooled Ribbed Liner Transient Temperatures
at 600 psia . 88
32 Air-Cooled Ribbed Liner Transient Temperatures
at 4000 psia 89
33 Air-Cooled Omega Segment Liner Design Arrangement . . .91
34 Omega Liner Temperature Distribution at 600 psia . . 93
35 Omega Liner Temperature Distribution at 4000 psia . . 94
36 Omega Liner Transient Temperatures at 600 psia .... 95
37 Omega Liner Transient Temperatures at 4000 psia ... 96
38 Dimensions of Water-Cooled Liner with Grooved Jacket . 97
39 Water-Cooled Shell Liner Temperature Distribution
at 4000 psia 98
40 Water-Cooled Shell Liner Transient Temperatures ... 99
41 Dimensions of Water-Cooled Liner with Grooved Nickel
Shell 100
viii
LIST OF TABLES
Table Pny.c No.
1 Comparison of Predicted and Measured Wall Temperatures
on Present Air-Cooled Liner 11
2 Present Air-Cooled Liner Stress Analysis Summary ... 13
3 Effect of Air-Cooled Liner Thickness and Cooling
Air Velocity at 4000° R 19
4 Air-cooled Liner Life Predictions . . . . . . . . . . 20
5 Effect of Emissivity on Air-Cooled Liner . 21
6 Air-Cooled Liner Critical Buckling Pressure Comparison
at 4000° R and 4000 psia 23
7 Parametric Stress Study of Ring-Stiffened Air-Cooled
Liner 24
8 Air-Cooled Ribbed Liner Configuration G Buckling
Pressure Analysis . . . . . . . 25
9 Effect of Emissivity on Omega Liner 29
10 Air-Cooled Omega Liner Stress Summary . . ...... 30
11 Comparison of Water-Cooled Shell Liner Temperatures 32
for Two Materials
12 Water-Cooled Liner Design Stress Summary Comparison. . 37
13 Water-Cooled Tube Liner Temperatures at 4460° R and
4000 psia 40
14 Water Cooling System Alternates 43
15 External Water Cooling System Preliminary Cost
Estimates . . . 44
16 Conditions for Sizing Water System Components .... 45
DESIGN OF THERMAL PROTECTION SYSTEM
FOR 8-FOOT HTST COMBUSTOR
S. Moskowitz
Curtiss-Wright Corporation
SUMMARY
The combustor in the 8-Foot High Temperature Structures Tunnel at the
NASA-Langley Research Center has encountered cracking over a period of 50-250
tunnel tests within a limited range of the required operating envelope. A
program was conducted which analyzed the failed combustor liner hardware and
determined that the mechanism of failure was vibratory fatigue. A vibration
damper system using wave springs located axially between the liner T-bar and
the liner support was designed as an intermediate solution to extend the life
of the current two-pass regenerative air-cooled liner design but within an en-
velope limited by
(a) 1800° F metal temperature at gas conditions of 4000° R in the low
pressure region
(b) By buckling instability at the cold flow high pressure conditions
Several new liner designs were evaluated for feasibility to operate over
the complete operating envelope. The designs included:
(a) Regenerative air-cooled ring-stiffened liner to resist a buckling
failure mode at cold flow high pressure
(b) Regenerative air-cooled omega-shaped segment liner similar to turbo-
jet afterburner designs
(c) Water-cooled nickel shell liner
/
(d) Water-cooled nickel tube liner
The effects of liner wall thickness, cooling air passage height, stiffen-
er ring geometry, reflective coatings, and liner material selection were in-
vestigated for these designs. Preliminary layout design arrangements includ-
ing the external water-cooling system requirements, weight estimates, instal-
lation requirements and preliminary estimates of manufacturing costs were pre-
pared for the most promising configurations. A state-of-the-art review of
thermal barrier coatings and an evaluation of reflective coatings for the gas-
side surface of air-cooled liners were also performed.
Based on these studies, the two-pass regenerative type air-cooled omega-
shaped segment Liner and the water-cooled nickel sheet liner with circumferen-
tial water grooves were considered most suitable for the 8-foot HTST facility
and capable of operating over the required operating envelope.
INTRODUCTION
The Langley Research Center's 8-foot High Temperature Structures Tunnel
(HTST) is a facility used for testing large scale structural models and ther-
mal protection systems applicable to hypersonic vehicles. The general ar-
rangement of the HTST facility is presented in Figure A-l (Appendis A). The
facility is a large hypersonic blow-down tunnel which uses methane-air prod-
ucts of combustion as a test medium.
The energy level of the test gas is provided by burning methane gas in
air in a high pressure combustor. The resulting combustion gases are expanded
through an axisymmetric nozzle with an exit diameter of 8-feet into an open
jet test section. Downstream of the test section the flow passes through a
supersonic diffuser and is pumped by a single stage air ejector through a sub-
sonic diffuser to the atmosphere.
The facility was designed to operate within an operating envelope as
shown in Figure 1, with gas conditions up to 4000° F and 4000 psia. A descrip-
tion of the combustor operating procedure is presented in Appendix A.
The present high pressure combustor design arrangement is presented in
Figure A-2. the outer housing or barrel pressure vessel is protected from the
combustion gases by a double-pass regenerative-type thermal protection system.
High pressure air supplied from a bank of 6000 psi bottles adjacent to the fa-
cility enters the outer housing through two inlet flanges located at the up-
stream station. The air flows downstream in the annular passage created by the
outer housing and the cylindrical combustor liner support. The air returns up-
stream in the annular passage created by the cylindrical combustor liner sup-
port and the combustor liner. The air enters the combustor liner ID and flows
downstream for the combustion process.
Fuel is introduced under separate control through two large axial tubes
supplying a network of concentric fuel distributor rings in a plane about
11.33 feet from the upstream closure end of the outer housing.
A separate system of air film cooling and convective water cooling is used
to cool the nozzle throat and the exhaust nozzle and is also shown in Figure
A-2.
In the present design arrangement, the service life of the combustor liner
has been less than 250 tunnel runs. Axial cracking has occurred in the liner
downstream of the fuel distributor rings. Where the crack progressed through
the entire wall thickness, a burnout of the liner has occurred. The liner
failures have required one of the following:
(a) Crack repair by welding
(b) Removal of the burnout sections and replacement by welding of an in-
sert patch
(c) Replacement of the entire liner
As a result of this problem, NASA formulated a multi-phase program di-
rected toward the redesign of the thermal protection system which would provide
a life expectancy at least 1500 tunnel runs. Phase I incorporated the analyt-
ical studies and preliminary design of alternate systems to the extent that
fabrication and installation requirements may be evaluated and preliminary man-
ufacturing costs may be estimated. Subsequent phases are planned which involve
the detailed design and experimental validation of one or more promising design
concepts directed toward the selection of a final design and subsequent fabri-
cation and testing of the design.
This report presents the results of the Phase I program.
The program's major objectives are summarized as follows:
(a) Identify the failure mode of the present combustion liner through
metallurgical analysis of the failed hardware and analytical study of the ther-
mal and stress conditions
(b) Establish a thermal computer model for liner temperature predictions
which correlates with measured thermocouple data obtained from recent tunnel
tests
(c) Evaluate the operating limitations of the present liner
(d) Study the feasibility of several design concepts for the liner
(e) Prepare preliminary analysis and design layouts of promising liner
concepts
(f) Evaluate the cost, fabricability, installation requirements, etc. of
the promising liner designs
DEFINITION OF SYMBOLS
A heat transfer surface area, sq ft
C specific heat at constant pressure, Btu/lb-°F
DL hydraulic diameter, ft
DI wetted perimeter or inside diameter, ft
E modulus of elasticity, psi
h heat transfer coefficient, Btu/hr-sq ft-°F
k thermal conductivity, Btu/hr-ft-°F
p pressure, psia
Pr Prandtl Number
q heat flow, Btu/hr
Re Reynolds Number
S stress, psi
T temperature, °F or °R
V velocity, ft/sec
Q coefficient of thermal expansion, in/in- F
A difference in or change in
P density, lb/ft3
Y Poisson's Ratio
/u viscosity, Ib/sec-ft
Subscripts:
a air-side w wall
b bulk flow 00 fully developed
_. flow
c convective
g gas-side
1 water-side
FAILURE ANALYSIS OF PRESENT LINER
The present liner design arrangement shown in Figure 2 consists of a
3/16 inch thick Inconel 600 cylinder with a smooth 36 inch ID and an OD sur-
face with axial fins to promote cooling. The fins have a height of 3/16 inch,
a width of 1/16 inch, a pitch of about 1/4 inch and run axially for the full
length of the liner. The liner is cantilevered from a bolt attachment to the
exhaust approach section at the combustor exit station. The liner has 32
axial T-bars equally spaced around the OD which are guided for the length of
the liner in channels on the liner support. The liner support is a 1/2 inch
thick AISI 304 cylinder with 39-3/8 inch ID and a 14 foot length. The liner
support is cantilevered from a bolt attachment to the outer housing at 11.33
feet upstream of the fuel distributor rings. The support has 16 equally
spaced axial T-bars which are guided in channels on the ID of the barrel or
outer housing. The laminated outer housing is made of ASTM A20-56 with 44.5
inch ID, an average thickness of 4.5 inches and a length of 30 feet.
The failure history of the present liner design indicates that prefer-
ential cracking occurs along the T-bar weld attachment in the vicinity of the
7 o'clock location (viewed from upstream) at approximately one to three feet
downstream of the fuel distributor rings. This location was also noted to
have the maximum.air-side metal temperature of 1170° F measured on the liner
during tests at gas conditions of 3300° R and 600 psia. These gas conditions
are substantially below the limits of the required operating envelope and do
not represent the severest conditions for the liner. The liner has also been
tested at other conditions including gas temperature up to 3640° R and pres-
sures up to 3360 psia which resulted in lower liner temperatures.
Since the cracked liner section from the 7 o'clock location was no longer
available, another cracked section located at approximately 1 o'clock was
selected for metallurgical failure analysis. Figure 3 shows the liner section
which was analyzed.
Visual and binocular examination of this liner segment revealed many axial
cracks along the welds which attach the T-bars to the OD of the liner. A
typical crack is shown in Figure 4. Figure 5 presents the fracture surface of
the crack shown in the previous figure. The crack has progressed almost com-
pletely through the wall of the liner. The arrows indicate the location of
multiple fatigue nuclei.
Further examination of the segment after grit blasting and etching the
OD surface revealed, as shown in Figure 6, short axial cracks in the roots of
the fin grooves adjacent to the T-bar welds. Figure 7 presents the fracture
surface of some of the cracks shown in the previous figure. The arrows indi-
cate the location of the multiple fatigue nuclei.
Figures 8 and 9 present the metallographic examination of the fracture
surface adjacent to a T-bar weld. Fracture examination revealed-the trans-
granular nature of the T-bar and the fin root cracks. Both types are typical
of cracks produced by high cycles and high mechanical loads. The multiple
nuclei found in the fracture surfaces also are indicative of extremely high
stresses. Both types of cracks progressed radially through the wall.
Metallographic examination of sections through the cracks revealed no
metallurgical discrepancies that would have contributed to the failures.
Based on the results of this examination, the following were concluded:
(a) The cracks are not attributed to low cycle thermal fatigue
(b) The cracks are attributed to a vibratory fatigue mechanism
(c) Extremely high stresses are responsible for the fatigue cracking;
these stresses may have occurred either during the high temperature portion
of the test cycle or during cold flow operation prior to combustor ignition.
A small number of welds attaching the T-bars to the liner exhibited
cracks due to improper fit-up of mating surfaces or lack of weld fusion. This
type of crack is presented in Figure 10. However, the improper condition for
welding was not associated or contributory to the fatigue failures described
above.
A summary of the crack locations observed on several liners of similar
design is presented in Figure 11. Design configuration I provided a cold
nominal radial clearance of 0.390 inch above the liner T-bars. Configuration
II provided a clearance of 0.140 inch. In either configuration drawing tol-
erances may produce a clearance reduction of 0.140 inch. During operation up
to 4000° R gas temperature, thermal expansion between the liner and the support
would result in additional clearance reduction of up to 0.294 inch. Therefore,
an interference fit will occur for configuration II at temperature,and may
occur under adverse drawing tolerances for configuration I.
It was observed that cracks occurred with a greater frequency in liner
configuration II where radial interference readily occurs between the liner
T-bars and the liner support during the test. The metallurgical failure
analysis was performed on liner configuration I since configuration II was
being used during this study.
Except for the 11 o'clock location, the crack summary reveals a pattern
of liner cracking at the angular locations of the fuel distributor ring support
spokes. The distributor is cantilevered from the fuel supply pipes. The
spokes rest on metal pads welded to the I.D. of the liner. These pads had
been added after the liner showed the effects of severe pounding from the
spokes. The crack summary indicates the possibility of the cylindrical liner
vibrating in a 6-mode pattern forced by the six radial support spokes of the
fuel distributor rings.
The crack at the 11 o'clock location in liner configuration II occurs in
the vicinity of the butt weld which was provided to form the cylinder from
rolled plate.
DESIGN STUDIES
The study of liner design concepts was directed toward .satisfying the
following requirements:
(a) Maximum gas temperature = 4000° R
(b) Maximum gas pressure = 4000 psia
. (c) Minimum service life = 1500 tunnel tests
(d) No erosion which creates foreign object damage to the test model
(e) Envelope limitations:
Maximum OD = 42 inches
Minimum ID = 36 inches
Maximum length = 23 feet
Recognizing that the failures of the present combustor have occurred
within a restricted operating envelope of the facility, it was considered
necessary to evaluate the new designs for other potential failure modes which
may occur at the higher operating gas conditions. Consequently, the following
design criteria were recognized in evaluating feasibility and applicability of
new liner concepts:
(a) Minimum low cycle fatigue life = 1500 cycles as predicted by
Hanson's method
(b) Maximum liner temperature = 1850° F
(c) Critical buckling pressure = 2.5 x actual pressure load for
hot flow operation
(d) Critical buckling pressure = 1.5 x actual pressure load for
cold flow operation
(e) Minimum vibratory fatigue life » 1500 tunnel tests (approximately
75 hours)
(f) Pressure stress < 8070 of yield strength
The selection of a maximum liner temperature was based on the oxidation
characteristics, the severely reduced material properties, and the limited
properties data available in the high temperature range.
A significant increase in thermal gradient across the liner wall thickness
at the high gas temperature and pressure conditions was expected for the air-
cooled liner designs. Therefore, the low cycle fatigue criteria were necessary.
The critical buckling criteria were established as a result of the large
pressure load imposed on the liner resulting from the high gas pressure differ-
ential between the cooling air passage on the outer surface of the liner and
the main gas chamber on the inside of the liner. The higher factor for hot
flow conditions was selected for conservatism.
The following major combustor design concepts were studied:
A. Air-Cooled Designs
(1) Cylindrical liner formed by thin-sheet omega shaped segments with
double-pass regenerative type cooling
(2) Cylindrical liner shell incorporating circumferential OD stiffener
rings with double-pass regenerative type cooling
(3) Reflective coated cylindrical liner with double-pass regenerative
type cooling
(4) Rework of present liner to incorporate a vibration damping system
for extending the liner life within the current operating envelope limited by
the metal temperature criterion
B. Water-Cooled Designs
(1) Liner shell and water jacket incorporating circumferential grooves
which form the water flow passages
(2) Jacket shell and liner incorporating circumferential grooves which
form the water flow passages
(3) Tubular liner formed by circumferential tube segments
During the preliminary design effort, studies were conducted to determine
the effects of:
(a) Liner wall thickness
(b) Cooling air passage height
(c) Stifferner ring geometry
(d) Reflective coatings
(e) Liner materials
Design options were selected from these studies to complete the prelimi-
nary design arrangements. These studies and the preliminary design arrange-
ments are discussed in the following sections.
Analyses of Present Air-Cooled Liner
Thermal Analysis Method and Results.- The accuracy of predicting the
combustor liner temperature distribution depends on appropriate evaluation of
the heat transfer coefficients on the air-side and gas-side surfaces of the
liner. On the gas-side, the convective heat transfer takes place in a turbu-
lent-flow entry region, where the aerodynamic and thermal boundary layers de-
velop simultaneously. The heat transfer process in this region is known to
be strongly influenced by the entrance conditions and cannot be predicted
analytically. It is necessary, therefore, to rely upon experimental data for
accurate evaluation of the heat transfer coefficient. In addition, radiation
from the high temperature gas performs a significant role in the overall heat
transfer. Here again, experimental data must be used to verify the estimated
radiative heat transfer coefficient because of the complex dependency of radi-
ation on temperature, pressure and combustion products. On the air-side liner
surface, the complex passage geometry due to the presence of supporting devices
and fins also makes prediction of heat transfer coefficients difficult.
A simplified thermal model was developed from correlation with the avail-
able test data supplied by NASA from the present liner to facilitate consis-
tent evaluation of the heat transfer coefficients of interest under different
combustor operating conditions. The actual temperature field of the liner is
three-dimensional, especially near the fuel distributor rings. For simplicity,
the initial model reduced the three-dimensionality to an equivalent one-dimen-
sional problem in which the liner temperature was assumed to be independent of
the longitudinal and circumferential coordinates. The model was established
to reproduce, as closely as possible, the maximum average wall temperatures
measured along the liner OD surface between fins at a gas temperature of
3300° R and pressures of 603, 1514 and 2440 psia as presented by the test
curves in Figures 13, 14 and 15.
The model was required to establish the heat transfer coefficients on
both sides of the liner so that the calculated wall temperatures would agree
with the measured temperatures. The three heat transfer coefficients of con-
cern in the model included air-side convection, gas-side radiation and gas-
side convection. Since radiation from the outer surface of the liner to the
inner surface of the liner support is small as compared to the convective heat
transfer, it was disregarded in the model. To put the model on a sound phys-
ical basis, the following approach widely used in the literature was adopted:
(a) Reference values of the three coefficients were first evaluated from
the established empirical relations or physical laws for ideal conditions
(b) Next, a correction factor was introduced for. each coefficient to
account for deviation from the ideal situation '
(c) These factors were then evaluated from the test data
Since the test data did not permit direct evaluation of the correction factors,
iterations were performed to determine the three unknowns using the test curves.
The results of this modelling technique suggested that radiation from the
hot gas may be assumed to be independent of pressure in the range from 600 to
4000 psia and that the gas emissivity is approximately 0.64. This is in
reasonable agreement with the rather limited reference data available (Refer-
ence 6-1, 6-2, and 6-3) on gas emissivity at very high pressures. The gas-
side convective heat transfer coefficient was adequately estimated using the
relation
h = 1.5 h ^
eg eg 00
where h CO ^8 the heat transfer coefficient for fully developed turbulent
flow anS^can be calculated from the equation (Reference 4)
hc80o -0.2 -2/3
0.023 (Re) (Pr)
Xj-bX 0.1*
I /»» /
The convective heat transfer coefficient on the air-side was predicted
with reasonable accuracy by the empirical equation (Reference 5)
= 0.023 (ReD ) °-8(Pr)°-4
uh
using the appropriate local hydraulic diameter (D^ ) and air velocity. During
the initial modelling for feasibility studies, the air-side cooling passage
was treated as an annulus, recognizing the blockage of the T-bars and channel
supports as a reduction of area but not as a reduction of hydraulic diameter,
and the correction factor differed negligibly from unity. For subsequent more
detailed analysis of the cooling passage formed between the 32 T-bars, it was
necessary to reduce the velocity in the grooves between the 3/16 inch height
fins to duplicate these results. This effectively applied a degraded correc-
tion factor to the finned liner surface. This effective reduction in velocity
agreed well with the reduction which would be expected due to the higher fric-
tional resistance to flow in the grooves than in the passage free stream.
Results of the application of this initial thermal model to the current
air-cooled liner configuration and the excellent correlation with test results
are shown in Table 1. Predictions of metal temperatures to the 4000 psia,
4000° R maximum operating condition are also presented. A comparison of the
metal temperatures for the 1.5 and 1.0 inch cooling air passage heights indi-
cates the possibility for modifying the existing (1.5 inch cooling passage
height) liner design to achieve acceptable metal temperature levels. However,
the thermal design problem is formidable since
(a) the temperature gradient across the 3/16 inch liner wall is very
high, and
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For many of the parametric studies undertaken during this investigation,
it was found that the maximum thermal stress could be essentially evaluated
by the relation
s= (AT)
The technique outlined in Reference 6 for low cycle fatigue life predic-
tions was used for the liner analyses. In establishing the total strain range
or equivalent stress range, the highest stress, either tension or compression,
is determined and the material properties at the location of highest stress
are utilized. The highest stress in the liner is a cbmpressive stress on the
inside of the liner where the stress due to the radial thermal gradient adds
to the mechanical stress due to the pressure loading. This is also the loca-
tion of highest metal temperature. The number of cycles to failure was ob-
tained from life curves established by the techniques in Reference 6. The
life estimates specified for the combustor designs used a value of 1/5 of
Hanson's upper bound data. The fatigue life predictions by this method will
be more conservative than the life prediction of the analysis covering the
original air-cooled liner design (Reference 7). That analyses had used an
earlier technique (Reference 8) which yields life predictions approximately
equal to Hanson's upper bound data.
The results of the stress analysis of the present liner configuration for
the operating condition's encountered by the liner prior to cracking show that
the failure that occurred within about 50-250 cycles is not caused by thermal
cycling. A summary of stresses is shown in Table 2.
TABLE 2.- PRESENT AIR-COOLED LINER STRESS ANALYSIS SUMMARY
Condition run Complete envelope
Maximum temperature
Maximum pressure
Pressure (hoop) stress
Average thermal stress
Axial
Radial
Minimum low-cycle
fatigue life
Buckling criteria
Low temp. factor of safety
High temp. factor of safety
Maximum gas -side liner temp.
3640° R
3360 psia
< 1300 psi
21,225 psi @ 200° F
17,700 psi @ 1085° F
( A t = 107° F)
5000 cycles
Unstable
0.79
1.24
1362° F
4000° R
4000 psia
1300 psi
21,225 psi @ 200° F
82,000 psi @ 1738° F
(At = 555° F)
2400 cycles
Unstable
0.79
0.88
> 2000° F
13
The table shows that some of the design criteria established for this
study are violated for the conditions run as well as for the complete envelope.
The table also reveals that the liner may exhibit buckling instability
since the minimum value for buckling criteria (critical A p/actual A P)
of 1.5 at the cold conditions and 2.5 at the hot conditions is not achieved.
There is some supporting evidence that buckling has occurred at least once on
the present liner design during tunnel testing.
The pressure load is small and results in an acceptable hoop stress.
The longitudinal temperature distribution, as obtained from the shell
computer program, results in a peak stress 12 inches upstream of the fuel dis-
tributor rings. The stresses are as follows:
Wall Location Longitudinal stress Hoop stress
Inside -7,752 psi -21,225 psi
Outside +7,752 psi -16,574 psi
The metal temperature at this location is just over 200° F and the
stresses are acceptable. In the area of the highest metal temperature and
highest radial thermal gradient (one foot downstream of the fuel distributor
rings), the axial thermal gradient results in a stress of less than 2000 psi
and is not considered a significant factor at the location of highest thermal
stress.
The temperature distribution through the liner wall was used to calculate
the nominal thermal stress around the cylinder. In addition, the gradients in
the vicinity of the T-bar were used to calculate additional stresses due to
the effect of the T-bar stiffness.
The thermal gradients across the 3/16 inch liner thickness vary with the
gas pressure conditions being run. The following table compares the thermal
stress for the conditions existing during combustor operation at 3300° R gas
temperature:
Gas-side
Pressure, psia Wall A T. °F liner temp.. °F Stress.psi
603 190 1362 30,600
1514 307 1222 50,500
2440 400 1215 65,700
Since the stresses are above the yield strength of the Inconel 600 material
at temperature, repeated application of the load will result in a finite life.
From the low cycle fatigue data, the predicted number of cycles to failure is
approximately 20,000.
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The thermal distribution in the vicinity of the T-bar results in a peak
longitudinal stress on the outer wall of the liner at the intersection with
the T-bar. For the most severe condition run, the maximum thermal stress is
128,500 psi at a metal temperature of 815° F. For this condition, the pre-
dicted low cycle fatigue life is approximately 5000 cycles. For the complete
operating envelope, a life of 2400 cycles at the liner wall ID is predicted.
The above life predictions for the maximum operating conditions run on
the failed liners support the conclusion from the metallurgical analysis of
the hardware that vibratory fatigue rather than thermal fatigue was respon-
sible for the failure.
In addition to buckling, the criterion for liner temperature limit is
exceeded within the operating envelope, as shown by an analysis at 4000° R
and 600 psia gas conditions for the present configuration. Therefore, it was
concluded that, although the predicted low cycle fatigue life criteria are
satisfied, the present liner design is unsatisfactory for other reasons.
Present Air-Cooled Liner With Dampers
Consideration was given toward resolving the vibration problem on the
present air-cooled liner since this could extend the useful liner life for
current test operations especially if curtailment of selective regions of the
operating envelope could be tolerated.
A vibration analysis was performed on the liner in order to evaluate the
natural frequency characteristics and possible damping arrangements.
The basic natural frequencies of the liner and liner support are shown
in the following table and Figure 15:
Nodes Liner Liner Support
4 11.9 cps 31.4 cps
6 33.6 cps 89.0 cps
8 64.8 cps 170.4 cps
In order to investigate the vibratory stresses associated with the
various modes, the natural frequency data are plotted as a function of the
number of nodes (points of zero deflection) and the associated nodal span.
The figure illustrates that for a six-node pattern of liner vibration, the
nodal span is 18.8 inches while for 32 nodes, one located at each T-bar, the
nodal span is only 3.5 inches. Since a fatigue failure did occur, it can be
assumed that the vibratory stress must have reached +50,000 psi, the endurance
15
strength of the material. For this analysis, the effect of steady-state stress
due to pressure and thermal gradients is neglected which would lower the vibra-
tory stress required to fail the liner. Figure 16 shows the amount of motion
of the liner required to cause +50,000 psi stress. The concentrated load at
the center of the individual nodal span is also shown. This load is a static
equivalent load and does not include any dynamic effects. For example, if the
liner vibrates at 290 cps, it would correspond to a 16-node vibratory notion of
the liner. For this condition the nodal span is 7.0 inches long and the maxi-
mum vibratory motion of the liner to cause a fatigue failure would be +0.062
inch. A static force of 405 pounds is required to deflect the liner to that
value. Assuming a magnification factor of 10, the exciting force would be
1/10 of that shown.
The dynamic or resonance effect on the load values is also shown on
Figure 16. To estimate the damping required to control the vibration, it was
assumed that a radial force at every other nodal span is required. This
curve shows the total force required around the circumference. For the example
noted above, the 16-node mode would require 335 pounds distributed around the
liner to eliminate the vibration. This could be accomplished by applying
42 pounds force at eight locations. Since this is the force required to
eliminate the vibration, a smaller force would be sufficient to reduce the
vibratory stresses to acceptable values.
The force can be applied by utilizing a wave spring running the length
of the liner to provide a satisfactory damping arrangement. The force can be
applied either radially inward or outward without changing its effectiveness.
Such an arrangement would change the vibration characteristics of the liner,
depending upon the radial stiffness of the springs. This change in frequency
is not considered detrimental.
Since the current liner is not failing from thermal effects and with
32 T-bar supports it appears to be structurally satisfactory for the static
loads imposed, a design to incorporate a vibration damping device in the T-bar
channels was provided. Figure 17 presents the preliminary design layout of
the existing air-cooled liner with a wave spring type damper. A double thick-
ness wave spring is located over the liner T-bars and is captured within the
channels on the liner support. The Inconel X750 material spring is 0.05 inch
thick, 1.20 inches wide with a free height of 1.13 inches and a pitch of
6.125 inches. The spring is attached to the liner support by two rivets at
the downstream end. The wave spring may have a free length of over 12 feet;
however, the free length may be made up of more than one spring for ease of
fabrication.
To incorporate the wave spring damper in the present corabustor, the
combustor must be reworked to provide a space above the T-bars of 0.540
+0.125 inch. This is accomplished by grinding the existing weld and removing
the T-bar. The thickness of the T-bar flange is machined to 0.126 +0.015 inch
and then refixtured on the liner to 19.147 +0.031 inch radius and rewelded.
A preliminary estimate of the cost for reworking the present liner to incorpo-
rate the wave spring dampers is $12,000.
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The axial force required to install 16 springs equally located between
the liner and the liner support assemblies is 1950 Ibs. The shear stress on
the rivets attaching the wave spring to the liner support is 2200 psi.
At operating conditions the height over the T-bar will be 0.380 4<).12
inch and the total spring deflection is 0.750 inch. Under normal conditions,
the double thickness spring compressed within this height provides a force of
40 Ibs every six inches axially along the T-bar. The stress in the spring is
approximately 70,000 psi. Inco X750 material has a minimum yield strength
of 115,000 psi at room temperature.
Definitive information on the vibratory characteristics of the liner,
which can be obtained by strain gauge instrumentation recordings, is re-
quired to select a specific damper design arrangement. Evidence from a compo-
site history of liner cracks points to a six-node mode pattern of liner vibra-
tion caused by six radial supports for the fuel distributor rings. The wave
spring damping arrangement at five or seven T-bar locations may be able to
satisfy this six-node mode requirement. A wide range of damping forces may be
generated by changing the spring rate values and the number of dampers around
the liner.
In support of this design, a temperature distribution analysis was per-
formed for a transverse section of the T-bar and liner. Operating pressures
of 600 psia and 4000 psia were considered, both at 4000° R gas temperature.
Coolant flow area and hydraulic diameter were estimated from the design layout,
recognizing the changes made to the T-bar for insertion of the wave spring
vibration damper. Upon examination of the actual shape of the coolant passage,
it was decided to use a non-uniform velocity distribution in which the velocity
in the regions between the liner OD and the T-bar support channel and along the
web and above the T-section was reduced from free stream velocity because of
the higher resistance to flow in these narrow sections. Because previous
analysis in connection with the one-dimensional model had indicated that the
fins were detrimental to thermal performance and they are not expected to
contribute significantly to the structural integrity of the liner, a smooth
outer skin was assumed for this analysis.
The temperature distribution for 4000 and 600 psia gas pressure is shown
on Figures 18 and 19, respectively. At the higher pressure, the wall tempera-
tures are not excessive for the material used but very high gradients approach-
ing 700° F in the 3/16 inch thickness are indicated. At the lower pressure
condition, wall temperatures exceed reasonable operating limits even for a
material such as Hastelloy X. Consequently, the modified liner requires a
restricted operating envelope. The modified liner will be satisfactory for
high pressure operation, although an improved material may be required to
obtain adequate cyclic life, but the maximum gas temperature will be limited
at low gas pressures unless a suitable reflective coating can be applied.
Figures 20 and 21 present the transient temperature histories for selec-
ted points for a step change in gas temperature from ambient to 4000° R at
4000 psia and 600 psia, respectively. These figures indicate that the maximum
temperature and the maximum temperature gradient across the liner will occur
at the stabilized or steady-state condition.
17
Parametric Studies
Liner Wall Thickness & Cooling Air Velocity.- Examination of the test
results and analysis using the one-dimensional model revealed that there are
two fundamental thermal problems in regeneratively air-cooled configurations.
At the lower end of the operating pressure range, radiant heat input to the
liner from the hot gas may amount to 70 percent of the total heat flux while
on the air-side the radiant component of the heat rejected from the liner to
the air and the liner support is negligibly small. As a result, liner tem-
peratures are high at low pressure and tend to exceed the useful operating
limits of the material. High pressure operation greatly increases the con-
vective heat transfer coefficient on both sides of the liner such that the
radiant heat transfer coefficient which remains about the same as pressure
changes, accounts for only 30 percent of the total heat flux. While this is
favorable for cooling and results in generally lower liner temperatures, the
substantially increased heat flux generates the second problem, that of high
temperature gradients within the liner material causing high thermal stresses
and resulting in low cyclic life.
In order to form a base for the structural analysis of liner design
modifications, a parametric study was conducted at 4000 R gas temperature
using simple cylindrical liners of various thickness and having different
cooling side velocities as represented by a range of cooling air annular
passage heights. Results of this analysis, as listed in Table 3 reveal the
two types of thermal problems mentioned and also show that material thickness
and air velocity (in terms of passage height) are very strong parameters in
their effects on both the gas-side temperature and the wall temperature
gradient.
The results of the parametric study presented in the table reveal the
following:
(a) The liner temperature increases with decreasing gas pressure
(b) The temperature gradient increases with increasing gas pressure
(c) Reducing the cooling passage height results in reducing the liner
temperature and increasing the gradient
(d) Reducing the wall thickness results in reducing the liner tempera-
ture and the gradient
The thermal benefits associated with the configuration using the smallest
cooling air passage height may not be fully realized because the increased air
velocity causes an increased pressure drop in the coolant passage annulus.
The pressure drop associated with the three cooling passage heights studies
are shown in Figure 22. The increased pressure drop, as the passage height is
reduced, results in a proportionately increased structural loading of the
liner. The maximum structural loading occurs at the cold flow conditions.
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TABLE 3.- EFFECT OF AIR-COOLED LINER THICKNESS
AND COOLING AIR VELOCITY AT 4000° R
Gas
pressure,
psia
4000
4000
4000
4000
4000
4000
4000
4000
4000
2000
2000
2000
600
600
600
600
600
600
Cooling
passage height,
in.
1.5
1.0
0.75
1.5
1.0
0.75
1.5
1.0
0.75
1.5
1.0
0.75
1.5
1.0
0.75
1.5
1.0
0.75
Liner
thickness,
in.
0.188
0.188
0.188
0.094
0.094
0.094
0.078
0.078
0.078
0.188
0.188
0.188
0.188
0.188
0.188
0.094
0.094
0.094
Wall AT,
oF
555
653
718
299
361
398
253
304
338
363
450
504
166
219
263
85
114
135
Gas -side
liner temperature,OF
1738
1561
1464
1579
1354
1217
1550
1313
1174
1791
1569
1437
2154
1874
1695
2118
1816
1617
Wall Thickness.- The thermal analysis of the present air-cooled liner
indicates that for a given combustion environment, as the liner wall thick-
ness is decreased both the thermal gradients in the liner and the maximum
metal temperatures decrease. These advantages are offset somewhat by the
fact that the pressure stresses increase and the liner is more likely to
buckle. The combined effect of the thermal and pressure conditions on the
low cycle fatigue strength of the liner is shown on Figure 23. In addition
to the effect of wall thickness, the effect of increasing the cooling air
passage height around the liner is presented. The figure shows that changing
the cooling air passage height has little effect on the life of the liner.
The change in wall thickness has a significant effect. Reducing the wall
thickness from 0.188 inch to 0.125 inch will double the life of the liner.
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As the cooling air pressure is reduced from 4000 to 600 paia, the liner
thermal gradients decrease but the maximum metal temperatures increase. The
cycles to failure predicted for the 0.188 inch thick liner operating at
4000° R gas temperature is shown in Table 4.
TABLE 4.- AIR-COOLED COMBUSTOR LIFE PREDICTIONS
AT 4000° R GAS TEMPERATURE
Cooling
passage height,
in.
Gas-side
liner temp,
oF
Wall AT,
°F
Cycles
to
failure
2000 psia gas pressure
1.50
1.00
0.75
1791
1564
1437
363
450
504
5800
5200
5600
4000 psia gas pressure
1.50
1.00
0.75
1738
1561
1464
555
653
718
2400
2400
2200
The table shows that a reduction in the gradient has more influence in
increasing low cycle fatigue life than the metal temperature rise has in de-
creasing life. This effect continues until the metal temperature exceeds the
material design limit.
As the wall thickness decreases, the susceptability to buckling increases
sharply. Figure 24 shows the critical buckling pressurexas a function of
liner thickness. This figure presents curves for a cylinder with both ends
supported and for a cylinder with both ends free. The actual combustor liner
for this investigation has only one end supported. Therefore, the applicable
curve would fall between the two curves presented. The lower curve was uti-
lized as a conservative approach. Buckling design criteria were formulated
which established that the critical buckling pressure shall be 1.5 times the
actual pressure for cold and 2.5 times for hot operating conditions.
Material Selection.- The two materials considered most suitable for the
air-cooled liner are Inconel 600 and Hastelloy X. Based on Hanson's low cycle
fatigue criteria, Figures 25 and 26 present the low cycle fatigue life for
these materials. This was used in a parametric study of the effectiveness of
the two materials in a high stress and high temperature environment. Figure
27 compares the materials for the thermal environment that would cause a
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fatigue failure at 1500 cycles. The curves relate the stress due to thermal
gradients to the maximum temperature of the material. From this comparison,it
can be shown that for a given material temperature below 1630° F, Hastelloy X
will take a larger thermal gradient than Inconel 600 before failure occurs.
Similarly for a given thermal gradient above 825° F, Hastelloy X can satisfac-
torily operate at higher metal temperatures than Inconel 600. Figure 28 shows
the cycles to failure for a thermal gradient of 800° F and 1000 F as a func-
tion of liner temperature for both materials.
From this study, it was concluded that in the range of thermal gradients
and metal temperatures expected for an air-cooled liner, Hastelloy X has
superior low cycle fatigue strength characteristics arid therefore, is the pre-
ferred material for a new liner design.
Emissitivity.- Since the basic low pressure problem is that of excessive
radiant heat input from the gas-stream, a one-dimensional analysis was made in
which the emissivity of the gas-side liner surface was changed. The results
presented in Table 5 are for an annular flow model with a 1.5 inch cooling
passage height and a 0.188 inch wall thickness at 4000° R gas temperature.
TABLE 5.- EFFECTS OF EMISSITIVITY ON AIR-COOLED LINER TEMPERATURES
Surface type Emissivity
Wall A T,
oF
Gas-side
liner temp. ,
°F
600 psia gas pressure
Oxidized
Newly Machined
High Reflectivity
0.8
0.4
0;2
166
154
147
2154
2013
1936
4000 psia gas pressure
Oxidized
Newly Machined
High Reflectivity
0.8
0.4
0.2
555
532
520
1738
1671
1637
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The table indicates that a reduction in wall temperature of about 140° F
at 600 psia may be obtained by maintaining a surface reflectivity equivalent
to the initial machined condition. Further improvement is available with
highly reflective coatings as offered by the noble metals. At the higher
pressure of 4000 psia, the temperature effect is not so pronounced but some
reduction in the thermal gradient is obtained because of the reduced heat flux.
A discussion of reflective coatings is presented in a later section of
the report.
Air-Cooled Ring-Stiffened Liner
The limitations in the operating envelope for the air-cooled liner
similar to the present configuration occur at gas conditions of low pressure
and high temperature due to excessive liner temperatures. Table 3 compares
the liner temperature predictions for a range of cooling passage heights at
the gas condition of 4000° R and 600 psia.
.?
For a wall thickness of 0.188 inch, the liner temperatures are excessive
at 1.5 and 1.0 inch passage heights. The smaller cooling passage height of
0.75 inch results in a reduced and acceptable liner temperature but at the
same time causes an increased pressure differential across the liner wall.
This higher pressure load imposes a severe liner buckling condition. For a
liner of 0.094 inch thickness, the temperature associated with a 1.0 inch
passage height is acceptable. However, the reduced wall thickness has in-
creased the buckling susceptability.
Table 6 shows the results of a buckling analysis at gas conditions of
4000° R and 4000 psia for two liner configurations:
(1) The cylindrical liner with both ends free
(2) The cylindrical liner both ends supported
This table shows that to satisfy the buckling criteria the cooling air
passage height and the liner thickness should be maximized which is contrary
to the thermal criteria.
A second approach to reduce the liner temperature is to decrease the
liner thickness. The table also shows that reducing the liner thickness in
half will decrease the maximum liner temperatures about 200° F but will in-
crease the buckling susceptibility. Since the effectiveness of the T-bars in
controlling liner buckling cannot readily be determined, it was decided to
study the use of cylindrical stiffener rings on the liner to preclude buckling.
A parametric study was made to establish the height, width and spacing of
rings for a liner that would meet the buckling criteria.
22
Each configuration was evaluated with regard to the design criteria at
the following gas conditions:
Condition no.
1
2,
3
4
5
Gas pressure, psia
4000
4000
4000
2000
600
Gas temp.. R
4000
3300
2500
460
4000
TABLE 6.- AIR-COOLED LINER CRITICAL BUCKLING PRESSURE COMPARISON
AT 4000° R & 4000 PSIA GAS CONDITIONS
Cooling
passage
height,
inch
1.5
1.0
0.75
Wall
thickness,
inch
0.078
0.094
0.188
0.078
0.094
0.188
0.078
0.094
0.188
Wall temp. , F
Inside
1550
1579
1738
1313
1354
1561
1174
1217
1464
Outside
1297
1280
1183
1009
993
908
836
819
746
Critical AP> psi
Free end
0.522
0.885
6.630
0.550
0.942
7.140
0.562
0.962
7.250
Supported
2.03
4.17
22.00
2.14
4.43
23.70
2.19
4.53
24.00
Actual A P>
psi
7.5
7.5
7.5
20.0
20.0
20.0
45.5
45.5
45.5
Table 7 presents the results of the parametric stress study using the
thermal predictions for a one-dimensional model of the ribbed liner without
OD surface fins. Only configuration G satisfies the buckling criteria and
has the potential for satisfying the liner temperature limit. Although con-
figurations A and B satisfy the buckling criteria, they would operate at
excessive liner temperatures at condition 5. The other configurations do not
satisfy the 1.5 factor of safety for buckling at the maximum gas pressure
(2000 psia) in the cold flow operating envelope.
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Table 8 presents the results of the buckling pressure analysis for the
air-cooled ribbed liner described as configuration G. The buckling factors of
safety for each of the operating conditions studied satisfy the criteria.
Furthermore, the predicted low cycle fatigue life of this liner is in excess
of 8000 cycles.
TABLE 8.- AIR-COOLED RIBBED LINER CONFIGURATION G
BUCKLING PRESSURE ANALYSIS
Operating
condition
1
2
3
4
5
Gas
pressure,
psia •'
4000
4000
4000
2000
600
Gas
temp . ,
OF
4000
3300
2500
460
4000
Air-side
temp. ,OF
1500
1140
845
60
1797
Buckling
Critical
AP,
psi
55.3
62.5
66.9
74.6
50.5
Actual
AP,
psi
15.5
17.05
26.05
49.2
2.32
Buckling
factor
of
safety
3.56
3.66
2.52
1.54
21.7
Cycles
to
failure
8000
-
-
-
13,400
Figure 29 presents the arrangement of the ring stiffened liner incor-
porating 62 circumferential ribs machined to the geometry and pitch described
above for configuration G. The liner is fabricated from Hastelloy X and in-
corporates 32 equally-spaced axial T-bars welded to the OD of the liner simi-
lar to the present liner configuration. The T-bars are locally notched to
straddle the circumferential stiffening ribs and are not welded to these ribs.
The existing liner support may be used without rework if the cooling passage
height remains unchanged! The following attachments will be the same as the
present combustor arrangement:
(a) Liner to the downstream exhaust approach section
(b) Liner support to the outer housing at the upstream end.
The preceding heat transfer and stress parametric studies indicated that
the most effective method for obtaining lower wall temperatures and lower
temperature gradients in the liner is to reduce liner thickness; also circum-
ferential ribs spaced at frequent intervals would provide buckling strength
considerably improved over the simple cylindrical shell design and would
permit substantial reduction of liner thickness. Therefore, a thermal anal-
ysis was performed on one of the ring stiffened liner designs resulting from
the stress study. In this analysis, determination of the heat transfer
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coefficients on the air side was the major problem since there is very little
information in the literature on heat transfer from surfaces having ribs or
fins perpendicular to the flow direction. However, several reports (Refer-
ences 9 to 12) dealing with recent work on gas-cooled reactors were found,
. and although the reported experiments were at much lower Reynolds numbers
than exist in this case, there was sufficient information to estimate the
axial distribution of the convective heat transfer coefficient and to approxi-
mate the average increase in its value over that of a smooth surface.
The temperature distributions for the ribbed liner at both 600 psia and
4000 psia operating gas pressures are presented in Figure 30 for the following
configuration:
Rib height = 0.4 inch
Rib width = 0.4 inch
Liner wall thickness = 0.10 inch
Rib pitch (axial) =• 3.0 inches
Cooling passage height = 1.5 inches
Although the average liner temperatures are lower, as expected, the low
velocity in the wake of the ribs results in local temperatures that are ex-
cessive at the lower gas pressure condition. Radial temperature gradients
are generally low except in the rib where the high velocity over the OD of
the rib produces very low temperatures. The large axial gradients noted in
the figure which do not exist in the smooth liner without ribs (except near
the fuel distribution rings) also add to the general thermal stress problem.
However, the use of a reflective coating on the gas-side surface of the liner
may reduce wall temperatures and gradients sufficiently so that the struc-
tural advantages of the ribbed design may be utilized.
Transient response of this liner was calculated for the simplified one-
step sequence consisting of instantaneous application of the maximum gas
temperature of 4000° R at each of the two pressure conditions, 600 and 4000
psia. Figures 31 and 32 present the temperature history at four liner loca-
tions selected to reveal the maximum wall temperature gradient and the maxi-
mum local temperature. The figures show that the maximum temperature and
the maximum gradient occur at the stabilized or steady-state condition.
Also, no unexpected increase in gradient due to the axial distribution of
temperature occurs during the transient.
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Air-Cooled Omega Segmented Liner
A type of liner design which is used for high temperature combustor8 and
as turbojet afterburners consists of an assembly of axially parallel segments
formed in an omega-shaped cross-section such that the liner supports are in-
tegral with the inner wall. Attachment of the supports to the housing is by
an axial C-shaped clip or clamping device. Advantages of this design with re-
gard to heat transfer are that thinner material can be used without structural
problems and the coolant stream is not seriously obstructed by liner supports
or brackets since there is no requirement to provide clearance for large radi-
al growth.
Figure 33 presents the preliminary design layout of the omega liner con-
figuration using two-pass regenerative air cooling. The liner is composed of
36 omega-shaped segments welded to each other at the OD to form a full 360°
liner. The welds are longitudinal and are positioned in the cold and low
stressed region of the liner. The segments are formed from 12 feet long and
0.125 inch thick sheet stock of HasteHoy X material. The segments are butt-
welded together on a drum fixture and the welds are dressed flush on the OD
surface of the segments.
The omega shape was selected since it has been successful in afterburner
liners in aircraft turbojet engines and is known to successfully accommodate
circumferential thermal growth. A cold gap of about 0.060 inch between seg-
ments is provided for circumferential expansion. The gap at operating condi-
tions is less than 0.018 inches. The downstream end of the liner is welded to
an end closure seal plate which incorporates a 72 lug radial spline centering
flange. The end closure is shaped to receive the 36 omega-shaped segments and
is welded completely around the periphery, thus forming a leak-proof construc-
tion.
The portion of the liner upstream of the combustion zone is welded to an
ID sleeve and an end closure plate. This end plate is shaped to seal the area
between segments which would otherwise present a leakage path for the combus-
tor air as it discharges from the cooling passage to the main stream flow
path. The sleeve not only closes the gap between segments at the cold end but
also serves as the cylindrical surface for supporting the fuel distributor.
The liner support (Drawing LC-704750) is reworked at the forward end to
provide an external flange for mounting to the rear face of the intake closure
cover (Drawing H-47241-1-3). The ring attachment flange which is welded to
the ID of the outer housing (Drawing 47241) upstream of the fuel distribution
rings is removed. The aft-face of the liner support is reworked to provide a
flange which incorporates an OD seal, for mounting a 72 lug centering ring
which receives the liner. A ring attached by 72 screws, traps the liner and
liner support assembly through the thermal expansion centering device. The
aft flange is welded to the liner support at the 16 T-bar locations by an air-
foil-shaped strut which also forms the necessary air passage for the air to
flow between the inner wall of the liner support and the cooling air-side wall
of the liner segments.
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The omega liner is longitudinally held in position by 36 C-clips which
are attached to the inner wall of the liner support. These clips restrain the
liner from buckling under the differential pressure between the cooling air
passage and the main gas chamber. During manufacturing of the assembly, the
liner is used as the fixture for positioning and tack-welding the C-clips,
thus facilitating subsequent assembly of the liner and liner support.
The entire combustor liner assembly weighing 2561 Ib is centilevered
from the upstream closure plate and is centered and supported by the exhaust
nozzle inlet approach section.
The liner and liner support assembly is attached to the closure cover by
thirty-two 1/2 inch diameter bolts.
An L-shaped ring is welded to the OD of the high pressure combustor noz-
zle approach section (Drawing LE 516488) at the forward end. This ring incor-
porates a generous chamfer and a cylindrical pilot for receiving the aft-end
of the 'liner and support assembly. This arrangement facilitates installation.
A Viton-A seal is provided on the OD of the aft-end of the liner and sup-
port assembly to preclude leakage of air from entering the combustion chamber
at the inlet face of the high pressure combustor nozzle approach section. An
axial gap is also provided at this location to accommodate the rearward ther-
mal expansion of the liner support. The thermal expansion of the liner in this
configuration is forward.
A preliminary estimate of cost for tooling and fabrication of the omega
liner is $90,000.
The initial thermal analysis of this configuration using a modification
of the one-dimensional model showed that the maximum gas-side wall temperature
at 600 psia operation is 1830° F and the maximum gradient through the wall is
502° F at 4000 psia. A more detailed thermal analyses of this design at both
600 psia and 4000 psia provided the results shown in Figures 34 and 35, 'respec-
tively. The thermal analyses revealed one problem area which must be solved in
final design, namely, that a means of preventing ingress of hot gas into the
attachment bulb section of the omega segment must be incorporated since there
is essentially no cooling of that portion of the liner enclosed by the attach-
ment clip. For the analyses shown it was assumed that the clearance between
liner segments would be controlled to a dimension that leakage of hot gas into
the region between segments would be cooled to an average temperature of
1560° F. Under the conditions assumed, the temperatures and thermal gradients
at the mid-section of the segment in this design are the lowest of any of the
air-cooled configurations. These values may be improved in this design by re-
flective gas-side surface coating of the segments as shown in Table 9 by the
results of the one-dimensional model at 4000° R gas temperature.
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TABLE 9. - EFFECT OF EMISSIVITY ON OMEGA LINER TEMPERATURE
Surface Type Emissivity
Wall AT,
0
 F
Gas -side
liner temp. ,
0
 F
600 psia gas pressure
Oxidized
New Machined
High Reflectivity
0.8
0.4
0.2
165
150
143
1830
1689
1613
4000 psia gas pressure
Oxidized
New Machined
High Reflectivity
0.8
0.4
0.2
502
478
466
1432
1368
1337
The thermal analysis indicated two other areas for potential problems:
(a) The large thermal gradient along the leg of the bulb attachment sec-
tion of the liner segment
(b) The local peak temperature at the radius between the liner ID and
the leg of the bulb attachment
Both of these problems appear to have practical solutions which can be
provided during a final design by the following:
(a) Extending the length of the C-clip to increase the coverage of the
segment leg
(b) Increasing the radius between the liner ID and the leg of the bulb
attachment to increase the ratio of air-side to gas-side local surface area
Transient temperature histories of the liner at the center of the seg-
ment and at the maximum temperature section of the omega liner are presented
in Figures 36 and 37 for a step change in temperature from ambient to 4000° R
at 600 and 4000 psia, respectively. The figures indicate that the maximum
temperature level and the maximum wall temperature gradient occur when the
steady-state condition is reached.
For the stress analysis, the omega-shaped segment liner was considered a frame
member under a uniform pressure with ends pinned at the clip. A strain energy
method was used to calculate the redundant force. The technique has been suc-
cessfully used to analyze turbojet afterburners of similar configuration.
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The results of the stress analysis at 4000° R and 4000 psi is summarized
in Table 10 and shows that the maximum stress in the liner consists of a ther-
mal stress of 66,000 psi due to a temperature differential of slightly over
500° F. The analysis was conducted at the location of maximum gradient; com-
bining the thermal stress with a 2054 psi stress due to pressure results in a
low cycle fatigue life of over 16,600 cycles for Hastelloy X material at a liner
temperature of about 1450° F.
TABLE 10. - AIR-COOLED OMEGA LINER STRESS SUMMARY
Location
1
2
3
Temp,
0
 F
1430
800
1180
Stress,
psi
2,050
66,000
780
35,600
Stress
type
Mechanical
Thermal
Mechanical
Thermal
Allow,
stress ,
psi
26,100
34,100
-
Cycles
11,600
00
OO
The resulting stresses in the retaining clip are very small and will pro-
vide unlimited life.
The end plate attached to the liner at the downstream location was ana-
lyzed to determine the effect of the temperature gradients in the liner. The
thermal stress will be 35,600 psi resulting in an acceptable low cycle fatigue
life. The analysis also showed that buckling of the liner would not occur as
a result of the restraint offered by the end seal plate.
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Based on the results of the analyses, the omega liner satisfies all the
design criteria with the possible exception of the material temperature limit.
However, the liner temperatures are lowest among all the air-cooled liner de-
signs studied. Furthermore, this design lends itself to local repair or re-
placement of individual segments, if necessary.
Water-Cooled Shell Liner
Thermal Analysis Methods and Results. - In the water-cooled thermal pro-
tection system, the flow of coolant and the heat transfer characteristics are
independent of the gas flow. As a result, the low pressure problem experienced
by regeneratively air-cooled systems does not exist and the maximum heat flux
condition becomes the primary design consideration. The water-cooled system
was therefore, analyzed for the 4000 psia operating condition and (because of
an expressed desire by NASA to eventually operate at gas temperatures higher
than in the contract specification) for 4460° R temperature.
s ;Gas-side heat transfer coefficients were evaluated in the same manner as
previously discussed for the air-cooled systems. The water-side heat transfer
coefficient was predicted by the equation (Reference 13) .
0.8 / \0.33
. (Pr)
0.023 N 'b
This equation does .not correct for possible sub-cooled nucleate boiling
on the walls, which would increase the heat transfer.
In water-cooled systems having very high heat flux, the water-side wall
temperatures are higher than the bulk boiling temperature of the liquid and a
certain amount of nucleate boiling will occur. The problem in such systems is
the selection of an operating water pressure and velocity high enough to pre-
vent bulk boiling or the formation of large steam pockets on the walls, which
might result In local burn-out. Bulk boiling can be easily avoided by raising
water pressure.such that the saturation temperature is above the coolant exit
temperature at all times. The prevention of burn-out requires that the maximum
possible heat flux from the gas is less than the critical heat flux; the latter
is a function of water pressure, velocity and passage geometry. In the present
analysis, Bernath's correlation for sub-cooled boiling was employed to predict
the critical heat flux (References 14 and 15). According to this correlation,
the critical heat flux may be predicted by
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(*) crit hcrit fl T, \I w . - b ]V crit )
where 5 7 1 n P - 5 4
h . = 10. 890 f D 48V
The water flow conditions selected for this design were a flow velocity
of 17 fps and minimum water pressure of 350 psia, correxponding to a satura-
tion temperature of 432° F. These factors and the dimensions of the circum-
ferential water grooves were the results of an iterative optimization proce-
dure coordinating design, stress analysis and heat transfer requirements.
During these studies, the possibility of using AISI 321 stainless steel in-
stead of nickel as an economy measure was explored. The results at 4000 psia
and 4460° R gas temperature, using the modified one-dimensional model, are
shown in Table 1.1. This table presents the temperatures of the selected de-
sign configuration using 0.078 inch wall thickness for both nickel and stain-
less steel. The stainless steel was ruled out of further consideration because
of high temperature gradients combined with high gas-side liner temperatures
which resulted in inadequate cyclic life and excessive axial growth relative to
the cool outer support jacket.
TABLE 11. - COMPARISON OF WATER-COOLED SHELL LINER
TEMPERATURES FOR TWO MATERIALS
Material
Nickel
Stainless
steel
Circum-
ferential
location
Water inlet
Water outlet
Water inlet
Water outlet
Wall AT,
0
 F
293
279
684
654
Gas-side
Wall temp. ,
0
 F
686
848
1045
1174
Water-side
wall temp. ,
o
 F
393
569
361
520
Water
temp. ,
0
 F
100
289
100
268
Water AT,
0
 F
189
168
For ease of manufacturing, a configuration using nickel in sheet form
with the grooves in the relatively free-machining steel jacket was initially
considered. The dimensions of this configuration are shown on Figure 38. The
expected temperature distribution at the water inlet station is shown in Fig-
ure 39. The figure indicates that the maximum temperature gradient in the
32
nickel sheet liner is 298° F and the gas-side wall temperature is 665° F at
the center of the water groove, increasing to 791° F at the center of the web.
At the corresponding locations at the hot end (outlet) of the water groove the
maximum gradient is 284° F and the gas-side wall temperature is 827° F at the
center of the water groove and 953° F at the center of the web.
For this configuration a two-step transient analysis was performed
ing the following:
assum-
(1) Instantaneous gas temperature rise representing combustor ignition
from ambient to 4400° F at 600 psia
(2) After five seconds, a pressure increase from 600 to 4000 psia at
constant gas temperature
Figure 40 shows that temperatures and temperature gradients Increase with
time, reaching maximum values at steady-state conditions.
Detailed structural analysis of the sheet liner with grooves in the sup-
port housing indicated that the configuration was not adequate and that'a de-
sign with grooves in the nickel liner would offer significant structural ad-
vantages. The dimensions of the revised design are shown on Figure 41. The
temperature distribution analysis of the revised design is presented in Figure
42. This figure shows a slightly lower temperature gradient (278° F) at the
thinnest section, but a higher gradient (472° F) through the web. The gas-side
wall temperature is 597° F at the thin section rising only to 628° F at the
web. Figure 43 presents the temperatures at the water outlet end of the water
groove. This figure shows a 274° F gradient at the thin section, a 468° F
gradient at the web and wall temperatures from 769° F to 800° F.
The one-step transient analysis was performed and the liner temperature
history is presented in Figure 44. The figure shows that steady-state opera-
tion is attained in less than three seconds with no unexpected variations in
gradient. The maximum temperature level and the maximum gradient occur at the
steady-state condition.
The Bernath correlation for sub-cooled boiling was applied to this con-
figuration. The critical wall temperature using 350 psia minimum water pres-
sure, is 532° F and the critical heat flux is 3.8xl06 Btu/hr-sq.ft. Analysis
of the wall temperature distribution in the water troove shows a maximum local
heat flux at the center of the groove of 1.48x10^  Btu/hr-sq.ft. which is low
enough to assure safety even if the local heat transfer coefficient is substan-
tially increased by sub-cooled boiling.
The final configuration of the water-cooled shell liner has 429 grooves
or water passages. Using water at an initial temperature of 100° F and a
189° F bulk temperature rise, the total water flow is 192.6 Ib/sec (1441 gpm).
The total heat rejection rate for the liner is 1.32xl08 Btu/hr if the entire
liner is heated, but the actual rate will be somewhat reduced because the
liner in the vicinity of the fuel distribution rings will not be subjected to
the full heat flux. The water pressure drop in the grooves is estimated at
26 psi without inlet, exit and piping losses.
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Mechanical Design. - A layout design of the water-cooled combustor assem-
bly is presented in Figure 45. The design consists of a 321 stainless steel
outer liner or jacket about 12 feet long and a nickel type A liner about 11.5
feet long. The liner is 0.25 inches thick across the web and has circumferen-
tial grooves machined on the OD. The grooves have a root radius of 0.1 inch
and a height of 0.18 inches. The pitch of the circumferential grooves is 0.32
inch. The upstream face of the liner has a flange with an 0-ring groove on
its front face for mounting a high pressure leak detector sleeve. The leak
detector sleeve pilots and seals on the ID of the jacket and bolts to the front
face of the liner flange. The leak detector consists of two OD 0-ring seal
grooves with an annulua formed between the two Viton A 0-ring seals.
The forward face of the exhaust nozzle approach section (Reference Drawing
No. LE516488) is reworked by providing a bolting circle, an entering OD chamfer
and an OD 0-ring groove. Installation of a L-shape ring which has a large enter-
ing chamfer, an OD 0-ring groove and a cylindrical surface for supporting the
aft-end of the water-cooled combustor is provided at this section.
The outer jacket is fabricated from six cylindrical rolled sheets and six
longitudinal U-shaped lower-half water manifolds. The six equally spaced half-
manifolds are butt welded to the six cylindrical rolled sheets to form a cyl-
inder. A 0.500 inch circumferential slot by 0.200 inch wide is machined in
each manifold half with an axial pitch of 0.96 inch. A slot in #1 water inlet
manifold corresponds with a slot in the same transverse plane in #1 water out-
let manifold. The slot in #2 inlet manifold is displaced 0.32 inches in rela-
tion to the slot in #1 inlet manifold. The slot in #3 inlet manifold is dis-
placed 0.64 inch in relation to #1 inlet manifold. Thus, each manifold feeds
only one-third of the total number of water grooves in the liner. At each in-
let manifold slot, the water divides so that the coolant travels 180° in each
groove and exits in the outer manifold, 180° opposite to the water inlet mani-
fold. The water inlet manifolds are located 120° apart and the water outlet
manifolds are also located 120° apart. This configuration produces a more sym-
metrical circumferential temperature on the liner and the web between grooves
proved to be a very effective heat transfer fin, thus reducing the thermal
gradient in the liner.
The jacket is final machined on the ID, the forward and aft flanges and
the ID aft pilot. The liner is then inserted into the jacket and circumferen-
tially welded at the aft-end.
Half pipes about 11.5 feet long are welded to the lower-half of the water
manifolds to form the six longitudinal manifolds. Six plugs are welded on the
aft face of the water manifolds to seal the ends. The plugs are shaped so that
no flow restriction occurs at the first water inlet and water outlet slot.
The existing attachment ring flange at the ID of the combustor outer hous-
ing assembly is machined-off. The water-cooled liner assembly is attached to
the rear face of the intake closure cover by a cylindrical shell support with
an OD of 40.875 inches and a length of 11.6 feet. The shell is perforated with
532 holes of 1.0 inch diameter, 28 circumferentially per row for 19 axial rows
with a 5.0 inch pitch for admission of the combustor air. Local cut-outs are
provided in this shell section for assembly of the water piping.
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The three 120° circumferentially located water inlet pipes which are at-
tached to the manifold are merged into one 4.0 inch pipe with a large radius
three-quarter turn loop for pipe expansion. The 3.0 inch diameter pipes are
bolted to the manifolds at the front face of the water-cooled combustor liner
with 4 bolts. A Viton A 0-ring face seal is provided at the bolting flange.
The front face of the 4.0 inch water inlet pipe is bolted to the rear face of
the intake closure by an 8-bolt flange connection using a flexitallic metal
seal. The existing intake closure requires rework to provide for the two
flanged water connections on the front and rear faces.
The water outlet pipe assembly is a mirror image of the water inlet pipe
assembly and is attached in the same manner.
The installation procedure consists of assembling the water-cooled com-
bustor, shell support, water inlet and outlet pipe assemblies, fuel distribu-
tor ring and pilot burner assemblies, etc. to the rear face of the intake clo-
sure and then installing the entire assembly into the combustor outer housing.
The entering chamfer for the aft-pilot support is arranged so that even with
the assembly resting on the bottom of the outer housing, it will enter the aft-
end of the combustor assembly.
The estimated weight of the combustor assembly including liner and jacket
(4620 Ib), piping (882 Ib) and perforated shell (2128 Ib) totals 7630 Ib. This
excludes the intake closure and fuel distribution rings.
Electron-Beam Welded Alternate Design. - The use of a water-to-gas pressure
differential controller for the water supply system of the above combustor design
is necessary since the liner is susceptible to buckling if the following occurs:
(a) The water pressure exceeds the gas pressure during cold flow opera-
tion
(b) The water pressure occurs prior to initiating airflow through the
combustor
Therefore, consideration was given to a means of electron-beam welding
the liner to the jacket so that human or controller error could not result in
liner failure due to buckling. A preliminary stress analysis indicated a re-
quirement for attaching the liner and jacket by circumferential welds at an
axial pitch of approximately 4.0 inches for the maximum condition of 500 psig
water pressure in the liner and atmospheric pressure in the combustor.
The fabrication of the liner for the electron-beam welded configuration
requires a different approach. Intimate contact is required between the liner
and jacket prior to welding in order to avoid a condition where the beam cuts
through the piece. Therefore, the nickel liner and stainless steel' jacket will
be machined to provide a diametral shrink fit. The jacket may be made in
bands, the length of which will be determined on full-scale electron-beam
welded samples to find shrinkage factor per weld (estimated to be approximately
0.005 inch) and to optimize band length for acceptable distortion. Since there
are a very limited number of electron-beam welding vacuum chambers in this
country that will accept a 12-foot long cylinder, the grooved liner will be
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made in two or more equal lengths and the liner and jacket welded sub-assem-
blies will be joined with a circumferential bolting flange.
The jacket or outer shell bands are expanded by heating to 250° F with
flexible electrical heating tape and after positioning on the liner, are al-
lowed to shrink back during cooling to provide intimate contact with the lin-
er. Proceeding from one end, the liner and jacket are circumferentially welded
at about a 4-inch axial pitch. The circumferential weld pass is interrupted at
each of the six water manifolds.
The welds are made from the OD through the outer shell into the liner web.
The weld extends 0.060/0.080 inch into the web and has a 0.035/0.045 inch in-
terface width. The weld is kept shallow in the web to minimize shrinkage and
distortion. Since these are blind welds, excessive shrinkage could cause
weld-to-web mismatch and excessive distortion could cause poor weld fill at the
joint.
If a 360° circumferential weld pass is required to join jacket bands then,
the manifold section of the jacket is chamfered to the nominal OD of the outer
shell at the band ends. This permits weld penetration at the band joint during
a complete circumferential weld pass. Subsequently, the chamfered manifold
joints are filled with weld metal by the TIG process to seal these sections.
Based on this preliminary feasibility study, the electron-beam welded
liner represents a significantly more difficult fabrication problem, than the
water-cooled liner and jacket without welding.
A preliminary estimate of the cost for tooling and fabricating the water-
cooled shell liner is $125,000. An additional cost of $20,000 is estimated to
incorporate electron beam welded attachment of the liner ribs to the jacket.
Stress Analysis. - Two versions of the water-cooled shell and jacket liner
were analyzed at the gas conditions of 4460° F and 4400 psia and the results
are shown in Table 12.
The first configuration had a smooth nickel liner with water grooves on
the ID of the jacket. The liner thickness for this design was increased from
0.078 to 0.125 inch in order to reduce the bending stress due to the gas pres-
sure loading on the section spanning the water grooves from 29,400 psi to
12,000 psi, which is below the yield strength (16,000 psi) of nickel at the
operating temperature of 800° F. The liner shear stress is 4530 psi at this
location. The hoop stress due to the pressure loading in the unsupported area
of the 0.125 inch liner is excessive (131,700 psi) and yielding would result.
The pressure load on the liner results in an axial friction force of
19,200 pounds at each web. It requires about 20 inches at each end of the
liner to generate a sufficient axial force to prevent the liner from growing.
The estimated temperature differential of 325° F between the liner and jacket
causes a high thermal stress of 87,800 psi. The combined stress due to the
pressure load and thermal gradients results in a low cycle fatigue life of
less than 800 cycles.
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On the basis of these stress results, a revised water-cooled liner, which
incorporates a smooth jacket-with water grooves in the nickel liner, was in-
vestigated. With the liner having an arch type support resisting the pressure
loading, the maximum bending stress will be 2,130 psi at the section of mini-
mum thickness (0.078 inches).
The thermal gradient and thermal stress in the arch area of the liner
are as follows:
Wall AT, ° F Thermal stress, psi
Axial gradient 16 27,000
Radial gradient (minimum thickness) 264 47,500
Combining the thermal stress and pressure stress results in a total stress
of 86,460 psi and a low cycle fatigue life of over 12,800 cycles. The predic-
tion was based on the low cycle fatigue curve for nickel as shown on Figure 46.
The highest stress in the liner will occur in the thickest section (center
of web) where the radial gradient results in a stress of 82,560 psi. An addi-
tional thermal stress will occur in this section since the liner cannot freely
expand but is restricted by the cooler jacket. This restriction adds another
63,830 psi compressive stress at the inner wall surface. The predicted low
cycle fatigue life is 2600 cycles.
Based on this study, the water-cooled liner is an attractive configuration
for final design study since it offers the potential for the broadest operating
envelope without violating any of the design criteria.
Water-Cooled Tube Liner
In many high temperature combustors and nozzles in the liquid-fueled
rocket field, the thermal protection of the combustor wall is provided by cir-
culating the liquid fuel through many small parallel tubes acting as a barrier
between the hot gas and the shell structure. This type of design was investi-
gated for the HTST combustor in order to evaluate alternates to the structural
and manufacturing problems of the shell type liner.
Figure 47 presents the preliminary design layout of the water-cooled tube
liner. The liner is formed into a cylinder by axially stacking together 678
half-circular tubular segments. Each tube has an OD of 0.375 inch and a wall
thickness of 0.049 inch and is made from nickel type A material.
The construction of the liner support housing is similar to the jacket
design of the shell liner. The support housing is fabricated from six rolled
sheets and six longitudinal U-shaped lower-half water manifolds. The six
equally spaced haIf-manifolds are butt welded to the six rolled sheets to form
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a cylinder. Two 0.375 inch diameter holes on 0.455 inch centers are reamed in
each manifold half with an axial spacing of 1.215 inches. Each hole incorpo
rates an upper and lower groove with a height of 0.12 inch and a depth of
0.007 inch.
The pair of holes in the #1 water inlet manifold corresponds with the
pair of holes in the same transverse plane in the #1 water outlet manifold.
The pair of holes in the #2 and the #3 water inlet manifolds are displaced
0.405 inches and 0.810 inches, respectively, in relation to the holes in #1
manifold. Thus, each manifold feeds only one-third of the total number of
tubes in the liner. At each pair.of holes in the inlet manifold, the water
divides so that the coolant travels 180° in each tube and exits in the outlet
manifold 180° opposite to the inlet manifold. The water inlet manifolds are
located 120° apart and the outlet manifolds are also located 120° apart.
The liner support housing is final machined on the ID, the front and rear
flanges and the ID rear pilot. Subsequently, the ends of each tubular segment
are inserted and expanded to a depth of 0.40 inch and welded in the reamed
holes of the manifolds to form a leak-proof construction.
The half-pipes, about 11.5 feet long, are welded to the lower half of the
manifolds to form the six longitudinal water manifolds. Plugs are welded to
the rear face of the manifolds to seal the ends.
The outside radius of the 180° tube segment is 0.080 inch smaller than
the inside radius of the liner support housing to provide for thermal expan-
sion of the tube. The ends of the tube segments are formed with a 0.28 inch
radius for an included angle of 75°.
Each tube is supported at 12 eaually spaced circumferential locations.
The 0.50 inch wide supports for the tubes are made of nickel type A material
machined into an omega shape so that the 0.375 inch tubes are snapped into
positions with 0.08 inch clearance between the tube and the ID of the liner
support housing. The supports are approximately'11.75 inches long for ease of
manufacturing.
The perforated supporting shell, the water inlet and outlet pipe assem-
blies, etc. are the same as described for the water-cooled shell liner.
The reworks to the existing combustor housing inlet closure and exhaust
nozzle approach section front face and the assembly and installation of the
water-cooled combustor with nickel tubes into the combustor outer housing are
the same as described in the section for the water-cooled shell liner design.
Table 13 presents the results of a one-dimensional thermal analysis of
the tube liner configuration using a water velocity in the tubes of 17 fps and
gas conditions of 4460° F and 4000 psia. Wall temperatures and temperature
gradients are lower than those of the shell type liner because of the reduced
wall thickness; but the total heat rejection increased because of the larger
surface area exposed to the hot gas stream. Therefore, the water flow was in-
creased by selection of an increased tube diameter to maintain the same water
temperature rise.
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TABLE 13. - WATER-COOLED TUBE LINER TEMPERATURES
AT 4460° R AND 4000 PSIA
Circumferential
location
Water Inlet
Water Outlet
Wall AT,
0
 F
187
172
Gas-side
wall temp. ,
0
 F
557
717
Water
wall temp. ,
° F
369
539
Water,
0
 F
100
282
The tube liner design using 678 half circular tubes has a total water
flow of 289.6 Ib/sec (2166 gpm). The total heat rejection rate was calculated
to be 1.91 x 10^ Btu/hr if all tubes are heated but will be somewhat lower be-
cause tubes in the vicinity of the fuel distributor rings will be cooler.
Water pressure drop in the tubes is estimated at 16 psi, considerably reduced
from the grooved liner design because of the larger water passage flow area.
Based on this study, the tube liner appears to be an approach with poten-
tial; however, this configuration requires a larger capacity external water
cooling system and it represents a design which has little experience in direct
fired pressure vessel applications.
External System for Water-Cooled Liner
The external system required for the water-cooled liner designs consists
of two thermally coupled loops:
(1) The primary water loop for cooling of the coinbustor liner and heat
transport
(2) A secondary water loop for heat rejection from the system
The primary water loop consists of a self contained system incorporating
a circulating pump, storage tank, heat exchanger, pressure control system and
fill system. The water is filtered and chemically treated to prevent accumu-
lation of foreign material, scale formation and fouling of the heat exchanger
and other components. The pressure control system is designed to maintain the
combustor water cooling system pressure about 50 psi below gas pressure over
the combustor operating range up to 500 psi to prevent liner buckling. For
higher combustor pressures, the water cooling system is maintained at a nomi-
nal 500 psi to prevent the formulation of steam. The differential pressure
is interlocked into the combustor fuel system so that shut-off or reduction
of fuel flow is initiated if the gas-to-water differential pressure drops
below a pre-selected value during operation other than the filling cycle.
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The fill system includes a water level indicating device for the combus-
tor, heat exchanger and storage tank. Each device is interlocked with the
combustor fuel system to prevent fuel flow if a full condition for the compo-
nent is not indicated.
The secondary water loop contains a cooling tower and pumping system which
is thermally coupled to the heat exchanger in the primary loop. A flow switch
in the pumping system is provided and interlocked into the fuel system.
An alternate and possibly less expensive system may be designed to use
treated river water to absorb the heat load and return the heated water to the
river. This alternate system has obvious ecological disadvantages and was not
considered acceptable.
Selection of water system equipment was based on the following two oper-
ating conditions which for sizing studies represent the air facility's shortest
and longest hot runs:
Gas temp., Gas press., Heat load, Test period,
0
 R •'••'•• psia Btu/hr sec.
4000 4000 1.35.x 108 30
4000 2200 0.83 x 108 180
The maximum exit water temperature from the combustor for both conditions
is 289° F, although slightly higher temperature can be tolerated for the lower
heat load condition. To prevent the formation of steam at 289° F, a nominal
operating pressure of 500 psi is used which is well above the saturation pres-
sure.
Based on the above operating conditions, the heat exchanger and equipment
sizing was established to satisfy the following maximum requirements:
30 sec. 180 sec.
Heat load, Btu/hr 1.41 x 108 0.865 x 108
Inlet temperature, ° F 100 174
Exit temperature, ° F 289 289
Water flow, gpm 1500 1500
Pressure, psig 500 500
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Several heat exchanger systems were investigated based upon heat rejec-
tion time between tests from four to twenty-four hours. They are described '
below.
Typical water systems are shown schematically in Figures 48 and 49.v Ini-
tially water is drawn from a source for storage in the tank. A main pump cir-
culates the water through the water jacket, heat exchanger and back to the
tank. Valving is included to provide for either the filling or circulating
functions. Float switches at the water jacket, heat exchanger and tank pro-
vide the interlocks to the fuel system. All float switches must indicate a
full condition before the fuel system can be energized.
A differential pressure regulating system sensing tank pressure and com-
bustor pressure modulates a control valve in a by-pass line to maintain the
required differential. If the differential pressure does not fall within a
pre-selected band, the fuel system is de-energized.
Since the tunnel test time is very short and the time between tests is
relatively long, several combinations of system components and sizes are pos-
sible which satisfy the expected operating conditions. Table 14 presents sev-
eral of the possible systems. Systems I and II appear to bracket potentially
the most feasible and practical design features.
System I is a closed loop 500 psi system with a small water storage tank.
The maximum load is absorbed by the heat exchanger and the cooling tower.
Continuous testing at maximum heat load is possible but costly. The prelimin-
ary costs for this system are shown in Table 15.
Since several hours elapse between tests, this time may be used to circu-
late the hot water (stored in two 3000 gallon tanks) through a smaller heat
exchanger utilizing a smaller cooling tower.
The heat exchanger and cooling tower size requirements for System II
were studied to determine costs associated with fast or slow cooling periods
between tests with the test sequences assumed as shown in Table 16.
For this study the water temperature prior to all first tests was 100° F
for the heat exchanger and 85° F for the cooling tower. Figure 50 presents
the heat exchanger and cooling tower requirements for cooling periods up to
24 hours in terms of initial equipment costs for test sequences 1, 3 and 4.
For test sequence 2, two 3000 gallon storage tanks are of sufficient capacity
to maintain low water temperature through mixing, to initiate the second test
at moderate gas conditions without cooling the water between the test periods.
Test sequence 3 is the controlling condition for sizing since it requires the
largest heat exchanger and cooling tower.
The preliminary costs for System II which satisfies test sequence 3 and
is sized for a 4-6 hour cooling period are also presented in Table 16. Thus,
System H is shown as the more economic and practical arrangement.
The alternate systems (III through VI in Table 14) have major cost disad-
vantages as discussed below.
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TABLE 15. - EXTERNAL WATER COOLING SYSTEM PRELIMINARY COST ESTIMATES
Item* Description
1
2
3
4
5
6
7
8
9
10
11
• 12
13
14
15
16
17
18
19
-
-
-
-
Charge pump - 11 stage centrifugal (20 gpm/500
Check valve - swing type (20 gpm/500 psi)
Differential pressure regulating system
Reservoir** (500 psi)
Circulating pump (1500 gpm/100 psi p)
Ball valve - pneumatic actuator and solenoid
(1500 gpm/500 psi)
Float switch - normally open
Solenoid valve (20 gpm/500 psi)
Pressure relief valve (600 psi)
Fill relief valve (20 gpm/25 psi)
Ball valve - pneumatic actuator and solenoid
(20 gpm/500 psi)
Fill check valve (20 gpm/500 psi)
Heat exchanger***
Float switch - normally open
Water level switch
Vent valve
Solenoid valve (20 gpm/500 psi)
Solenoid valve (20 gpm/500 psi)
Cooling tower and pumping system
Filtration and water softening system
Chemical conditioning
Pipe, fittings, nuts, bolts, etc.
Miscellaneous
System I System II
$ $
psi) 4,000
50
3,000
2,000
6,600
1,000
300
100
300
25
200
75
40,000
300
300
25
100
100
550,000
10,000
2,500
5,000
5,000
Total material $ 606,925
Installation labor 115,000
Grand total $745,925
4,000
50
3,000
23,000
6,600
1,000
300
100
300
25
200
75
3,000
300
300
25
100
100
15,400
5,000
1,500
5,000
5,000
$ 76,675
45,000
$119,675
Reference Figures 48 and 49
** System I - 500 gallon tank
System II - two 3,000 gallon tank
*** Reference text for capacity
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TABLE 16. - CONDITIONS FOR SIZING WATER SYSTEM COMPONENTS
Test
Sequence
1
2
3
4
1st Test
Time,
second
30
30
180
180
Gas
temperature
0
 R
4460
4460
4000
4000
Gas
pressure ,
psia
4000
4000
2200
2200
2nd Test
Time,
second
30
180
30
180
Gas
temperature
0
 R
4460
4000
4460
4000
Gas
pressure,
psia
4000
2200
4000
2200
(a) The main pump for System I or II is externally pressurized and re-
quires a relatively low differential pressure; but all system components are
designed for the maximum operating pressure of 500 pal. A high pressure main
pump (shown for System IV, V and VI) may be considered but pump horsepower in-
creases by a factor of seven and high voltage motor starting equipment is re-
quired.
(b) Heat exchangers in the circulating system operate at 500 psi to
maintain the water in a superheated condition. If the heat exchanger is not
in the circulating circuit, the tank must be pressurized to prevent violent
boiling within the tank. In either case, a pressure control valve must be
provided.
(c) If a condenser is considered as part of the high pressure pump sys-
tem, a heat exchanger is still required to sub-cool the water from 212° F to
174° F or 100° F.
Consequently, these factors made the alternate systems unattractive.
Coatings Review
Thermal Barrier Coatings. - A brief state-of-the-art review of thermal
barrier materials for possible application to the inside diameter of the com-
bustor liner was performed. The review was based on available published tech-
nical literature and general industry experience. No specific testing to con-
firm the information was performed for this program.
The term thermal barrier refers to a temperature.resistant, low conduc-
tivity, insulating material applied to a metallic structural component, such
as a combustor liner, to reduce the heat flux to the component from a hot gas
environment. The purpose of the barrier is to keep the temperature of the
component at a level where the metal maintains its structural integrity to re-
duce the cooling requirement to the component.
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Ceramic materials are an obvious choice for thermal barriers because of
their low thermal conductivity; however, there have not been many successful
service applications of ceramic thermal barriers, primarily due to the follow-
ing:
(a) The poor thermal shock resistance of ceramic materials applied di-
rectly onto metal substrates
(b) The difficulty in obtaining a good bond between the ceramic material
and the metal substrate
(c) The large difference in the coefficient of thermal expansion between
ceramic materials and the structural metal substrates
These deficiencies usually result in failure of the thermal barrier by
cracking at the ceramic surface and/or separation of the ceramic from the
metal substrate.
Several methods have been attempted to overcome these difficulties.
One of these methods has been the utilization of a thermal sprayed high-
bond-strength undercoat (such as nickel-aluminide), between the metal substrate
and a thermal-sprayed ceramic top coating. Thermal-spraying is a group of pro-
cesses wherein finely divided metallic or non-metallic materials are deposited
in a molten or semi-molten condition to form a coating. The coating material
may be in the form of powder, ceramic rod, wire, or molten materials.
Some advantage has also been gained by heating of the metal substrate dur-
ing coating. This places the coating under a residual compressive stress at
ambient temperature and reduces the tensile stress in the coating, due to the
thermal expansion mismatch at elevated temperatures.
Another approach has been the use of a metallic honeycomb supported thick
ceramic barrier. In this method, a metallic honeycomb reinforcing structure
is brazed to the metal substrate. The honeycomb cells are filled with either
a dense ceramic by hot mercury or with a low conductivity ceramic foam. The
entire structure is then oversprayed with a dense ceramic coating for erosion
protection.
A third approach has been the use of non-reinforced thermal-sprayed cermet
coatings formed by mixing a ceramic material in varying proportions with a me-
tallic material. The metal contributes bonding properties and thermal shock
resistance, and the ceramic material contributes low thermal conductivity.
Grading of the coating from a pure metal at the substrate surface to a pure
ceramic at the gas stream surface, with varying proportion layers in between
is most beneficial. In graded coatings, the thermal stresses from the thermal
expansion mismatch are more evenly distributed throughout the coating, rather
than being concentrated at the coating-substrate interface. This increases
the resistance of the coating to cracking and spelling failures from thermal
cycling.
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TABLE 16. - CONDITIONS FOR SIZING WATER SYSTEM COMPONENTS
Test
Sequence
1
2
3
4
1st Test
Time,
second
30
30
180
180
Gas
temperature
0
 R
4460
4460
4000
4000
Gas
pressure,
psia
4000
4000
2200
2200
2nd Test
Time,
second
30
180
30
180
Gas
temperature
0
 R
4460
4000
4460
4000
Gas
pressure,
psia
4000
2200
4000
2200
(a) The main pump for System I or II is externally pressurized and re-
quires a relatively low differential pressure; but all system components are
designed for the maximum operating pressure of 500 pel. A high pressure main
pump (shown for System IV, V and VI) may be considered but pump horsepower in-
creases by a factor of seven and high voltage motor starting equipment is re-
quired.
(b) Heat exchangers in the circulating system operate at 500 psi to
maintain the water in a superheated condition. If the heat exchanger is not
in the circulating circuit, the tank must be pressurized to prevent violent
boiling within the tank. In either case, a pressure control valve must be
provided.
(c) If a condenser is considered as part of the high pressure pump sys-
tem, a heat exchanger is still required to sub-cool the water from 2129 F to
174° F or 100° F.
Consequently, these factors made the alternate systems unattractive.
Coatings Review
Thermal Barrier Coatings. - A brief state-of-the-art review of thermal
barrier materials for possible application to the inside diameter of the corn-
bus tor liner: was performed. The review was based on available published tech-
nical literature and general industry experience. No specific testing to con-
firm the information was performed for this program.
The term thermal barrier refers to a temperature resistant, low conduc-
tivity, insulating material applied to a metallic structural component, such
as a combustor liner, to reduce the heat flux to the component from a hot gas
environment. The purpose of the barrier is to keep the temperature of the
component at a level where the metal maintains its structural integrity to re-
duce the cooling requirement to the component.
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Ceramic materials are an obvious choice for thermal barriers because of
their low thermal conductivity; however, there have not been many successful
service applications of ceramic thermal barriers, primarily due to the follow-
ing:
(a) The poor thermal shock resistance of ceramic materials applied di-
rectly onto metal substrates
(b) The difficulty in obtaining a good bond between the ceramic material
and the metal substrate
(c) The large difference in the coefficient of thermal expansion between
ceramic materials and the structural metal substrates
These deficiencies usually result in failure of the thermal barrier by
cracking at the ceramic surface and/or separation of the ceramic from the
metal substrate.
Several methods have been attempted to overcome these difficulties.
One of these methods has been the utilization of a thermal sprayed high-
bond-strength undercoat (such as nickel-aluminide), between the metal substrate
and a thermal-sprayed ceramic top coating. Thermal-spraying is a group of pro-
cesses wherein finely divided metallic or non-metallic materials are deposited
in a molten or semi-molten condition to form a coating. The coating material
may be in the form of powder, ceramic rod, wire, or molten materials.
Some advantage has also been gained by heating of the metal substrate dur-
ing coating. This places the coating under a residual compressive stress at
ambient temperature and reduces the tensile stress in the coating, due to the
thermal expansion mismatch at elevated temperatures.
Another approach has been the use of a metallic honeycomb supported thick
ceramic barrier. In this method, a metallic honeycomb reinforcing structure
is brazed to the metal substrate. The honeycomb cells are filled with either
a dense ceramic by hot mercury or with a low conductivity ceramic foam. The
entire structure is then oversprayed with a dense ceramic coating for erosion
protection.
A third approach has been the use of non-reinforced thermal-sprayed cermet
coatings formed by mixing a ceramic material in varying proportions with a me-
tallic material. The metal contributes bonding properties and thermal shock
resistance, and the ceramic material contributes low thermal conductivity.
Grading of the coating from a pure metal at the substrate surface to a pure
ceramic at the gas stream surface, with varying proportion layers in between
is most beneficial. In graded coatings, the thermal stresses from the thermal
expansion mismatch are more evenly distributed throughout the coating, rather
than being concentrated at the coating-substrate interface. This increases
the resistance of the coating to cracking and spa11ing failures from thermal
cycling.
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Because of its versatility, plasma spraying appears to be the most prac-
tical thermal-spray method for application of these coatings. Plasma spraying
is a thermal-spraying process wherein a non-transferred constricted electric
arc-gas mixture is utilized as the source of heat for heating or melting and
propelling the cooling material to the workpiece.
Recent research on.the latter two concepts (References 16, 17 and 18 has
indicated that the plasma sprayed, graded cermet thermal barrier approach is
superior to other methods of application of thermal barrier materials.
Graded thermal barrier coatings were applied as five or six equal thick-
ness layers, starting with pure metal plasma sprayed on the substrate and
grading to pure ceramic in the outer layer. The composition of the individual
layers were as follows:
7. Metal % Ceramic
100
75 25
50 50
25 25
10 90
-- 100
For five layer coatings, the 10% metal - 90% ceramic layer is omitted.
Three and four layer graded coatings have also been utilized in the industry
(References 19 and 20) but test evaluations of these coatings have not been
published. The compositions of such coatings are: .
Layer 7. Metal % Ceramic
Three Layer Coating
First 100
Second 50 50
Third - 100
Layer S Metal % Ceramic
Four Layer Coating
First 100
Second 65 35
Third 35 65
Fourth - 100
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Screening testa were conducted on the five ceramic materials, L) alumina,
2) zirconia, 3) mullite, 4) spenel and 5) zircon and zirconia (Zr^ ) was se-
lected as the best ceramic constituent based on thermal conductivity and ther-
mal shock resistance. Three metal systems were studied, 1) nickel-alumide
(Ni-5% Al), 2) nichrome (Ni-20% Cr) and 3) Hastelloy X (Ni-Cr-Mo alloy) and
Hastelloy X was selected as the best system, although differences were marginal
between Hastelloy X and nichrome.
The methods utilized in evaluating both the honeycomb reinforced 0.065
inch thick and the 0.030 inch thick non-reinforced plasma-sprayed thermal bar-
rier materials and the test criteria for combustor liners were as follows:
(a) Thermal Shock - Barrier able to survive 100 thermal shocks qf approx-
imately 2500° F/sec at gas temperatures up to 2600° F
(b) No erosion through barrier for an exposure equivalent to 10 hours in
a dusty environment (per MIL E 5007C)
(c) Ballistic Impact - 75% of thermal shock strength after impact
The results of the thermal shock tests on combustor liner specimens showed
that no failures occurred in 100 tests at 3000° F for the Hastelloy graded to
zirconia systems. The erosion tests showed this system satisfied the criteria
by running 12.4 hours. The ballistic impact tests showed this system retained
1007, of its thermal shock resistance after impact.
It has been generally found experimentally that the thermal conductivity
follows the law of mixtures for graded cermet coatings.
The relationship between the reduction in heat flux as a percent of the
heat flux for an unprotected surface vs the heat transfer coefficient is as
follows:
Heat transfer coefficient
Btu/hr-sq.ft.-° F
100
200
300
400
500
1000
2000
Reduction in heat flux
%
10 - 14
17 - 25
23 - 33
28 - 39
32 - 45
50-61
63 - 77
It is obvious that the thermal barrier coatings are most useful where the
heat transfer coefficients are high. For combustors, the reduction in heat
flux is in the range of 20%.
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In conclusion, industry experience indicates that the best thermal bar-
rier material based on effectiveness, durability, and ease of application in a
non-reinforced, plasma-sprayed cermet coating with the composition graded from
1007. metal at the liner interface to 1007, ceramic at the gas stream interface.
Limited specimen testing indicates that zirconia is the best choice for the
ceramic and either nichrome or Haste Hoy X for the metal component in the cer-
met coating. However, the advantages of thermal barriers to reduce the heat
flux diminishes in the applicable range of heat transfer coefficients for com-
bust or liners.
Reflective Coatings. - The use of a reflective coating for temperature
control was also considered for the air-cooled liner to maintain the op-
erating temperature of the nickel-base superalloy at a level where material
properties are suitable for the application.
Previously it was shown by thermal analysis that a highly reflective sur-
face for the liner would result in a reduction in liner metal temperature of
200° F which in some designs is sufficient to satisfy the design criteria of
1850° F maximum liner temperature.
A reflective type, thermal control coating for the combustor should have
the following properties:
(a) High reflectivity or low emissivity at the liner operating tempera-
ture • ' ' ' • • • ' ' • . . . . • '
(b) High resistance to oxidation at operating temperatures to prevent
degradation of the reflective properties with time at temperature
(c) Capability for application to the liner surface at reasonable cost
Candidate reflective coatings for the liner include rhodium; chromium,
platinum, and gold. For the noble metals, a thickness of 0.1 mil is required
for the liner surface. For chromium, a thickness of one mil is required.
The emissivity values for the candidate materials are as follows:
Rhodium 0.25
Chromium 0.34
Platinum 0.27 - 0.38
Gold . 0.05 - 0.17 .
A review of the general characteristics of the candidate materials is
presented below.
Rhodium is principally used where maintained high and uniform reflectivity
is essential, and as such is a prime choice for a thermal control coating. The
melting point of rhodium is 3591° F. It remains bright and untarnished during
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atmospheric exposure and Its general resistance to corrosion is exceptionally
high. Rhodium is superficially oxidized in air at temperatures above about
1100° F but the oxide dissociates at about 2000° F in air.
The main characteristics of chromium on which rests the commercial use of
chromium electrodeposits are:
(a) Appearance
(b) Resistance to corrosion and heat hardness
(c) Resistance to wear
(d) Low coefficient of friction and non-adhesion to certain materials
Factors which limit the use of chromium under certain conditions are
brittleness resulting from lack of elasticity and a possible reduction in fa-
tigue strength of the base metal. Continuous heating above 1200° F gives rise
to oxidation. Oxidizing and reducing agents have little effect on chromium
and it resists corrosion from most chemicals.
Platinum does not oxidize at any temperature up to its melting point,
3250° F, and is attacked by very few chemicals in liquid solutions. It should
not, however, be treated in the presence of oxidizable materials. Metallic
salts, particularly lead salts, carbon, sulfur, phosphorous, and the oxidizable
compounds should not be heated in contact with platinum. The result of such
treatment would be embrittlement of the platinum and alteration in other ther-
mophysical properties.
Pure gold is not attacked by oxygen, sulfur or sulfur dioxide. Hydrogen
has little effect on pure gold at elevated temperatures, however, chlorine will
attack gold even at room temperature. Electroplated gold has wide applications
as a coating to resist corrosion and tarnishing over a wide range of tempera-
tures. However, it has a relatively low melting point of 1945° F for combus-
tion applications.
The cost of plating with the noble metals is substantially affected by the
problems associated with processing the cylindrical liner which is 3 feet in
diameter and 12 feet long. The processing is made easier for the omega-shaped
liner by plating the ID of the segments prior to butt welding the segments into
the cylindrical liner. The processing problem takes on greater significance
considering that the current market cost of the metals is $70 to $150 per
ounce. Rhodium and platinum are roughly twice the cost of gold. It is esti-
mated that the cost of plating the liner may be in the range of $50 per square
foot.
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Instrumentation Requirements for Tunnel Test
The instrumentation requirements for initial tunnel testing of. the re-
worked or new combustor design studied are presented below. The data obtained
can be useful in
(a) Verifying the analyses and life predictions
(b) Modifying the design to correct problems prior to testing at more
severe conditions.
Stress & Vibration Data. - The prime purpose of strain gage instrumenta-
tion on the air-cooled liner is to establish the vibration characteristics of
the liner. It is desirable to attach the strain gages in the area where cracks
have been observed or are expected. As an alternate arrangement, strain gages
on the inside surface upstream of the fuel rings is an expedient choice. About
ten gages are to be installed around the circumference in order to establish
the vibrational mode shape. Gages are to be oriented in. a tengential direction
and the dynamic responses of the gages are to be recorded on.magnetic tape.
Pressure gages and microphone pickups are to be used to measure the inter-
nal dynamic environment of the combustor during a complete run. A compromise
may be made as to location because of the severe temperature and pressure con-
ditions existing. The major purpose of this instrumentation is to establish
the exciting force that is causing the liner to vibrate.
This instrumentation can be used to detect changes in the excitation of
the system or response of the liner as modifications to the configuration are
made. The effectiveness of liner damping arrangements can be evaluated by the
magnitude of the dynamic stress response. Other approaches to resolving the
problem such as changing the liner's natural frequency or altering the excita-
tion source, (i.e., fuel rings) may also be evaluated. The latter change may
be verified by the pressure or microphone pickups.
The vibration characteristics of the omega liner will substantially differ
from that of the current cylindrical shell liner or the ribbed liner. In order
to establish the acceptability of the vibratory characteristics of the omega
liner, strain gages are to be installed on the outer surface of the liner. At
least three different segments shall be instrumented with the gages installed
on each segment, two tangential near the corners of the channel and one axial
at the center. The axially directed gages are to be repeated every six inches
for a two-foot section downstream of the fuel rings. This instrumentation may
be able to detect any serious vibration that may cause a fatigue problem.
Also, pressure and microphone pickups are to be employed to establish the
dynamic pressure environment inside the combustion liner.
' Although the water-cooled liner should have much more damping than the
current air-cooled liner, it is advantageous to establish its vibratory stress
characteristics throughout its expected operating range in a manner described
for the air-cooled liner.
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Thermal Data. - To confirm the heat transfer analysis of the regenerative
air-cooled designs,-temperature and pressure instrumentation shall be installed
during initial operation, measuring the inner and outer surface temperatures at
eight circumferential locations in five axial planes at about one foot axial
spacing from the plane of the fuel distributor rings.
At two diametrally opposite locations at four feet from the fuel rings,
additional outside surface thermocouples shall be installed to measure tempera-
tures at five circumferential locations between
(a) Adjacent T-bar supports of the reworked present liner or the ribbed
liner
(b) At corner and center points of one segment of the segmented omega
liner
Cooling air temperature shall be measured at four circumferential loca-
tions at both ends of the liner. Static pressure taps shall be installed to
measure pressure at the entrance and exit of the cooling passage at four cir-
cumferential locations and to measure hot gas-side pressure upstream and down-
stream of the fuel rings and at the exit of the liner.
Gas leakage into the bulb attachment region of the omega liner shall be
measured at five segments at five axial planes at about one foot axial spacing
from the fuel rings.
Use of temperature sensitive paints is also recommended for the air-side
surface of the air-cooled liners to determine local regions of high circumfer-
ential and axial temperature gradients. This data, in addition to thermo-
couples at locations of maximum gradients expected, may be converted to stress
to verify life predictions.
For the water-cooled shell liner, the inside wall temperature shall be
measured as above, but at only two axial planes, two feet and four feet from
the fuel rings because no appreciable gradient in axial temperature distribu-
tion is expected. Water temperature and pressure in and out of the three man-
ifold pairs and system total water flow shall be measured. Static pressure
measurements are not required since there is no pressure loading structural
problem associated with airflow.
CONCLUDING REMARKS
Based on the preliminary design studies and the parametric thermal and
stress analyses of the thermal protection system for the 8-foot HTST combustor,
the following are recommended:
(1) Conduct a final design study of the two most promising liner con-
cepts: (a) the water-cooled nickel shell liner with grooves and (b) the
air-cooled omega shaped segment liner
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(2) Conduct manufacturing evaluations to finalize the fabrication pro-
cess, tooling concepts and electron-beam welding parameters for construction
of the water-cooled liner and the air-cooled omega liner and to explore lower
cost methods
(3) Conduct a final analysis of the external water-cooling system design
to optimize the system costs, capacity and flexibility and to prepare detail
specifications
(4) Continue the vibration analysis of the strain gage and microphone
data measured on the present air-cooled liner to identify the mode shape of
vibration and excitation sources (Appendix B)
(5) Complete the final design of the wave spring damper system to extend
the useful life of the present air-cooled liner design
(6) Rework the present air-cooled liner (or fabricate a new liner without
OD surface cooling fins) to incorporate the wave spring dampers and re-measure
the vibratory characteristics of the liner
(7) Evaluate the application of reflective coatings for the air-cooled
liners by testing specimens for significant characteristics after exposure to
the combustor environment
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Figure 3. Liner_S_egment_ffir_Me.tallurgical_Analy.sis.._
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Figure 4. Typical Axial Crack (Arrow) Along a T-Bar Weld Bead.
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Figure 5. Fracture Surface of Crack Along T-Bar Weld.
Mag. 5X
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Mag. 5X
Figure 6. Cracking (Arrows) in the Roots of Fin Grooves.
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Figure 7. Fracture Surface of Cracks in Fin Groove.
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Figure 8. Fracture Surface Adjacent to T-Bar Weld.
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Figure 9. Fracture Surface Adjacent_tp T-Bar Weld..
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Figure 10. Crack (Arrow) Through a Poor Quality Weld Bead.
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Figure 33. Air-Cooled Omega Segmented Liner
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APPENDIX A
Combustor Operating Conditions
The general arrangement of the 8-Foot High Temperature Structures Tunnel
is shown in Figure A-l and details of the combustor section in Figure A-2.
The operating envelope and characteristics of the combustor facility are
presented in Figures A-3 and A-4. The operating mode of the combustor is
described in Reference 22 as follows:
A. The mass flow of combustion air (Wc) for the tunnel operating range
is given in Figure 1.
B. The mass flow of the fuel (W ) is approximately
r
i
Wp = 236 .TT
C. For tunnel starting, cold air at a minimum temperature (T ) of
450° R is introduced into the combustor at a maximum rate of change (dW /dt)
of 250 Ib/sec^ until a predetermined total pressure (P ) is established
within the combustor; this pressure level is limited to 2000 psia. At this
predetermined pressure level, primary ignition of the fuel burner occurs and
the temperature of the gas downstream of the burner increases to the desired
operating value within one to three seconds. Next,the desired operating
pressure is obtained by either lowering or increasing the flow into the com-
bustor at a maximum rate of change (dW_/dt) of +150 Ib/sec^ until the steady-
state operating condition is achieved. Maximum operating pressure is 4000 psi,
D. For tunnel stopping, the fuel is cut off instantaneously and the
temperature of the exhaust gas drops to the incoming air temperature within ~~
two seconds. While this is happening, the pressure within the combustor is
automatically lowered to 1000 psia if operating above that level. The tunnel
may continue to operate without combustion for as long as 60 seconds to permit
cooldown of various components.
E. Items C and D above constitute one tunnel run or one thermal cycle
of the combustor.
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APPENDIX B
Vibration Survey (Preliminary)
A preliminary survey of the vibration characteristics of the 8-Foot HTST
combustor was conducted during the design study after it was recognized from
the metallurgical failure analysis that vibratory fatigue (rather than low
cycle fatigue) was responsible for the combustor cracks.
Dynamic instrumentation was applied to the combustion chamber of the
8-Foot HTST. Figure B-l shows the location of the six strain gages on the
inner liner and the four gages on the outer liner. The gages were used to
measure the vibratory stress in a circumferential direction during a normal
hot run of the facility. In addition to the strain gages, a dynamic pressure
pickup was attached to one of the fuel inlet tubes just upstream of the fuel
spray rings. A microphone pickup was attached to the outside wall at the
aft-end of the combustor pressure vessel in the general plane of the tunnel
nozzle. Data was recorded on magnetic tape.
Figure B-2 is a sketch of the inner liner vibratory stress as a function
of time. Two incidents of peak stress are observed; one peak occurs at/or
just after the lite-off and a second peak occurs 4 to 5 seconds after shut-
down (possibly during the fuel system purge operation). There are two distinct
major frequency components, 31 eps and 81 cps. The 81 cps component is only
evident after the fuel is shut off. The 31 cps component starts just before
lite-off and continues throughout the run.
The magnitude of the stress is shown as total stress range (vibratory
stress is one-half the value shown) on Figure B-3. The high stress recorded
on gage No. 3 during the low pressure cold flow test condition may indicate
a discrepancy in gage sensitivity and the data is considered questionable.
In summary, the stress data revealed the following:
(1) Vibratory stresses on the inner liner are over twice those on the
outer liner
(2) Vibratory stress at T-bars is about one-half that for locations
between T-bars
(3) Stress magnitudes in general are more uniform on the outer liner
than on the inner liner
(4) Vibratory stresses are of sufficient amplitude to introduce a
potential fatigue failure when steady-state stresses, temperature and stress
concentration factors are taken into consideration
Examination of signals from all six strain gages on the inner liner
revealed that the stresses are in phase for the 31 cps component. This indi-
cates that at a given instant of time, the gages at all locations show a ten-
sion stress. The strain gages No. 9 and 10 on the outer liner revealed
the signals are in phase with each other but out-of-phase with 11 and 12.
Thus, at a given instant of time, the gage No. 9 and 10 show a tension stress
while No. 11 and 12 show a compression stress.
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The 31 cps frequency that is observed on the liners is close to a natural
frequency of both liners. The inner liner has a 6-node mode at 33.6 cps and
the outer liner has a 4-node mode at 31.4 cps. Figure B-4 shows the respec-
tive mode shapes for the two liners at these frequencies. The mode shape and
the strain gage signals were analyzed to determine which was vibrating at its
natural frequency. If the locations of the strain gages on the inner liner
are placed anywhere along the mode shape of that inner liner, it can be seen
that all six gages cannot have the same phase. Since the gage signals were
in phase during the tunnel operation, it may be concluded that the inner
liner is not vibrating at its natural frequency. For the outer liner, the
gage locations and phase relationships do conform to the 4-mode natural
frequency of the liner. Based on the frequency and phase relationship, it
may be concluded that the outer liner is vibrating at its natural frequency.
In order to identify the source of 31 cps excitation, Figure B-5 was
constructed. Two types of natural frequencies are considered. The natural
frequency of a closed organ pipe was considered as one type of aerodynamic
excitation. For the organ pipe, the higher modes of vibration are direct
multiples of the fundamental. The fourth mode is four times the fundamental.
If a cylinder response is considered as the form of mechanical excitation,
the relationship between the frequency of the fundamental mode and higher
modes is given by .
Higher Mode
 = n (n2 -1)
Fundamental Mode
where n is half the number of modes which is 2 for the fundamental and
increases by 1 for each higher mode. Thus, the fourth mode is 8.8 times
the fundamental mode.
The results of an electronic wave analysis performed on the strain gage
signals recorded during the hot flow test are presented in Figure B-6. For
each parameter measured, the 31 cps component was the major response. The
higher responses are predominantly direct multiples of the 31 cps frequency.
This suggests that the major excitation source is of an aerodynamic nature.
It is also noted that an organ pipe natural frequency will vary as the
temperature of the media changes. The frequency noted during the tunnel test
was always 31 cps. It was first observed when the combustor gas temperature
was about 500° F and prior to the final gas temperature of 2840° F.
The 81 cps frequency observed after shutdown was primarily evident on the
inner liner and most pronounced near one of the spray bar pads. For these
reasons it is felt that stress is due to vibratory motion of the fuel spray
bar assembly which has radial clearance under hot conditions. This stress
burst takes place just about the time the fuel line is purged with high
pressure nitrogen.
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Based on the results of this preliminary analysis,the following recom-
mendations are .made:
(1) Provide additional strain gage instrumentation on the inner and
outer liner to better define the dynamic interaction between the two liners
(2) Analyze and instrument the air and fuel piping system to determine
source of excitation
(3) Determine the fuel spray bar natural frequency
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Figure B-6. Wave Analysis Frequency Content.
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